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Résumé

L’objectif de cette thése est la compréhension des phénomeénes ther-
miques, mécaniques et métallurgiques qui se produisent lors du soudage
par friction-malaxage de I’alliage d’aluminium 6005A et la détermination
des propriétés mécaniques des joints soudés.

Un dispositif expérimental permet de mesurer tant les efforts et le
couple nécessaires au soudage que les cycles thermiques encourus dans
les différentes zones des joints. Un premier modéle permet de prédire
I'influence des paramétres opératoires sur les cycles thermiques observés
dans les différentes zones des joints soudés, et en particulier sur 'asymétrie
des évolutions de température par rapport au centre de la soudure. Un
second modéle relie les évolutions locales des microstructures, en parti-
culier les cinétiques de précipitation, aux cycles thermomécaniques. Un
troisiéme modéle vise & relier les microstructures locales aux propriétés
mécaniques locales et inclut un nouveau modéle d’écrouissage a base
physique. Finalement, le lien entre les propriétés mécaniques des joints
en service, les propriétés mécaniques locales et les microstructures est
modélisé dans une approche multi-échelle incluant un modéle constitutif
d’endommagement a fondement micromécanique.

Les modéles sont étalonnés et validés & partir de la caractérisation
fine des microstructures et des essais mécaniques effectués tant sur le
matériau de base et sur le matériau traité thermiquement que sur des
joints soudés par friction malaxage.






Abstract

The aim of the thesis is the understanding of the thermal, mecha-
nical and metallurgical phenomena occurring during friction stir welding
of a 6005A aluminum alloy and the determination of the mechanical
properties of the welded joints.

The forces and the torque needed for welding as well as the thermal
cycles were measured in the various zones of the joint. A first model pre-
dicts the influence of the welding parameters on the thermal cycles, and
especially on the asymmetry of the temperature evolution with respect
to the weld centerline. A second model links the local microstructural
evolutions, and in particular the precipitation kinetics, to the thermo-
mechanical cycles. A third model relates the local microstructures to the
local mechanical properties, based on a novel physics-based strain harde-
ning model. Finally, the link between the mechanical properties of the
joint in service, the local mechanical properties and the microstructures
is modeled using a multi-scale approach including a micro-mechanics
damage constitutive model.

The models are calibrated and validated through in-depth microstruc-
ture characterization and mechanical tests on the base material, on heat
treated samples and on the friction stir welds.
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Chapter 1

Introduction

Aluminum alloys are characterized by high strength to weight ratio,
low density, good corrosion resistance, adequate formability and mod-
erate to high fracture toughness. In the transportation industry, the
constant need to diminish the COy emissions provides an impetus for
weight reductions favoring the use of aluminum rather than steel. Ex-
truded profiles of the 6xxx aluminum alloy family and in particular the
6005A aluminum alloy are therefore interesting in many applications (see
Figure 1.1).

The problem with the extrusion presses is that they are limited in
size and capacity. Therefore a sound welding method is useful to join
extruded or rolled Al alloy sheets and plates, especially if it is less expen-
sive than mechanical fastening. Fusion welding aluminum causes impor-
tant loss in ductility due to solidification defects (cracking, porosities).
Furthermore, not all the fusion welding processes are fully automated nor
offer high productivities. Laser welding could be an alternative to more
classical fusion welding techniques but the high level of defects produced

Figure 1.1. Industrial application of the friction stir welding process: welding of an
extruded profile for the railway industry (© Hitachi website, Ltd. 1994, 2006)
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when welding aluminum alloys is a clear drawback of that process. Fric-
tion stir welding offers the advantages of a potentially productive process
without the defects typical of fusion welds. Hence, many industries al-
ready use friction stir welding for specific applications.

Many aspects of the friction stir welding process and of the ensu-
ing mechanical properties are still badly understood and require further
studies, especially with respect to quantitative structural integrity as-
sessment and forming issues. Therefore, a fundamental study about the
origins of the mechanical and damage properties of the weld has a great
interest in the optimization of the process for further applications. High
welding speeds should not be in conflict with the quality of the welds
produced. A good understanding and prediction of the variation of the
strength of the weld for higher advancing speeds makes certainly sense
in that perspective.

Figure 1.2 summarizes the underlying methodology and program fol-
lowed in this Ph.D. research work. The process parameters are often
linked to the mechanical properties of the weld without understanding
the thermo-mechanical cycles and the microstructural evolutions which
created these properties. To get more insight into the process, a series
of modeling tools have been developed and validated by experiments
on the unwelded alloy and on friction stir welds with different welding
conditions.

The first part of this thesis is made of three chapters. It provides an
introduction to the metallurgy of aluminum alloys and to the friction stir
welding process as well as to the experimental methods. The material
studied in this work is a 6005A-T6 aluminum alloy provided by the com-
pany SAPA RC profiles. The properties of this alloy in the as received
condition are also presented in part I.

The second part of this thesis is made of two chapters. The re-
sults of the thermomechanical measurements (i.e. the forces, torque and
temperature) performed during welding are described in chapter 4. In
chapter 5, a model for the thermal cycles during the welding process is
developed, identified and validated.

The third part of this thesis presents the complete microstructural and
mechanical characterization of some of the friction stir welds produced.
Three models make the link between the thermal cycles and the ensuing
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mechanical properties. A first model, described in chapter 7, predicts
the microstructural evolutions during welding. The second model, also
presented in chapter 7, predicts the yield strength. Chapter 8 concerns
the modeling of strain hardening. The strain hardening model developed
has the advantage compared to the existing models found in the litera-
ture to be mainly based on the microstructure of the alloy rather than
dependent on phenomenological parameters.

The final part of this thesis (part IV) concerns the global mechanical
properties of friction stir welds and the modeling chain. Chapter 9 de-
scribes the macro-mechanical properties measured on different welds and
the model which links the local mechanical properties to the global ones
through a finite element model. This model was first tested on 6056 alu-
minum alloy friction stir welds [51]. A physically based damage model
allows to predict the true fracture strain of the welds. Before the conclu-
sions, chapter 10 asses the entire modeling chain and tends to conclude
on the effects of the welding parameters on the global behavior of friction
stir welds in 6005A-T6 aluminum alloy.



Chapter 2

Background

2.1 6xxx aluminum alloys

2.1.1 Classification and composition

The 6xxx series aluminum alloys have magnesium and silicon as prin-
cipal alloying elements which, generally speaking, harden the material
by the precipitation of precursors of the stable phase MgsSi. Manganese
and chromium additions have a limited effect on the mechanical proper-
ties but allow the control of the recovery, recrystallization, grain growth
and sometimes nucleation of the strengthening precipitates [40, 50, 79].
Copper addition enhances the hardness and refines the microstructure
[91].

Two other sub-classification criterion for the 6xxx series alloys are of
importance when looking at the microstructures.

e The silicon content: The alloys often contain an excess in silicon
which respect to what is needed to form MgsSi precipitates. The
consequence is the precipitation of the excess silicon in silicon rich
precipitates. The excess of silicon promotes the formation of ad-
ditional particles which do not contribute to hardening (B’, Type
A, Type B). When the excess silicon content is very high (1.32%
silicon for 0.6% magnesium [57]) the effective amount of hardening
phase is increased compared to alloys with lower excess silicon.

e The copper content: Copper modifies the precipitation sequence
and favors the precipitation of the @-phase (AlsCusMggSig) [56,
85]. Literature is not clear about the limit copper concentration
required to favors this type of precipitation since a confusion often

7
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exists between the B’ (typical of high excess silicon alloys) and Q
phases due to their close compositions [85].

The 6xxx series aluminum alloys are age hardenable alloys. Classical
state of material delivery are:

e T4 state: solution treated, quenched and naturally aged at room
temperature, this state offers a good formability but relatively low
strength [90];

e T6 state: solution treated, quenched and artificial aged to the peak
strength;

e T5 state: similar to the T6 state but no solution treatment followed
by quench has been performed beforehand;

e T78 state: slightly over-aged material (offers sometimes better cor-
rosion properties for high copper content alloys).

2.1.2 [ phase and its meta-stable hardening precursors

In low copper and low excess silicon content 6xxx aluminum alloys’,
the hardening phases are the metastable precursors of the stable MgsSi
phase. The generally accepted precipitation sequence is the following
[34, 36, 56, 58, 90] 2:

Supersaturated solid solution -> clusters/GP zones -> 3" -> '+ B’
+ Si + (Type A and B)-> [5(Mg2S57)+ Si

The G P zones are produced during low temperature artificial aging or
natural aging at room temperature. They provide moderate hardening.
The precipitates 3" are fully coherent precipitates, formed in particu-
lar during the artificial heat treatment T6, and responsible for the peak
hardness when their size is optimal (10—15 nm long in the 6061 aluminum
alloy [36]). The precipitates following 8" in the precipitation sequence
have a minor hardening potential [56]. Their formation correspond to
over-aged conditions. The 3 precipitates are semi-coherent precipitates.
The main precipitates shape, crystalline structure and compositions are

!The alloy 6005A of this study is an excess silicon, low copper content, 6xxx series
alloy. Therefore, we will focus in the following on the hardening phases present in
these specific types of alloys.

2Note that the general tendencies of the precipitation sequences are similar for all
these authors but small differences exist, especially concerning the clusters and the
non-hardening phases formation.
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represented in Table 2.1 (note that sometimes literature presents varia-
tions on that subject).

2.1.3 Non-hardening precipitates

During the casting of industrial aluminum alloys of the series 6xxx,
the presence of other alloying elements than magnesium and silicon as
well as the excess silicon can lead to incoherent coarse phases. These
can be classified in two main categories: the intermetallics which are
iron rich inclusions and the dispersoids which contain less iron and are
manganese and/or chromium rich precipitates.

Coarse MgoSi phases are formed during the material elaboration and
the very large ones are not dissolved during homogenization. Si rich
phases can be formed due to the excess silicon which respect to what
is needed to form MgySi precipitates. These phases will be assimilated
to intermetallics in the following since they have similar effects on the
mechanism of damage of the alloy and have similar sizes.

Intermetallics are Al-Fe, Al-Fe-Si and Al-Fe-Mn-Si phases formed be-
tween the aluminum dendrites during cooling [70]. These phases have
a typical size of 1 to 10 um. The homogenization treatment after cast-
ing aims at transforming interconnected plate-like 5—Al5FeSi in more
rounded and discrete a—Alj2(FeMn)s and dissolving coarse MgsSi preci-
pitates [69, 73].

Dispersoids are a—Al(FeMn) phases formed during the homogeniza-
tion of the alloy. These phases have a typical size of 100 nm. They nu-
cleate heterogeneously on the 3’ precipitates during the homogenization
treatment and are incoherent with the aluminum matrix. The 3 phases
segregate toward the dendrites boundaries during casting [62] (and will
later dissolve during the homogenization treatment). This explains the
inhomogeneous distribution of dispersoids in the aluminum matrix [78|.

2.2 The friction stir welding process

2.2.1 Principle of the friction stir welding process and
main features

Friction stir welding (FSW) is a solid state welding technique patented
by TWI in 1991 [135]. The parts or components to be welded are
rigidly clamped on the machine support. A rotating tool, composed
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Shape and
preferential | Crystalline structure Composition
orientation

3" | needle along | monoclinic Mg1.1551 [36]
< 100 > 4 a=b=6.16A c=71A Mg5Sis [2]

[56, 90| v = 82° [116] varies with
and a=30A b=33A alloy
polyhedral | ¢ =4.0A = 71° [116] composition
cross-section | a = 15.3A b= 4.05A [95]
[148] c=6.8A 3=106° (BC) [36]

hexagonal

a="7.05A c=4.05A [65

3 | rod and hexagonal Mg;.7Si [86]
circular a=T705A ¢=4.05A Mg 4451 [80]
cross-section | [36, 65, 80, 84, 143]
along
<100 4;]56]

B’ | lath-like and | orthorhombic [33, 36] Mg/Si
rectangular | a = 9.0A b=75.2A =0.9...1.2 [86]
cross-section | ¢ = 4.054;
with long- a=18A b=10.4A
face oriented | ¢ = 4.05A.
at 11° to hexagonal
<100> 4 a=104A c=4.05A.

[36, 33|

B | platelets FCC CaF3(anti-fluorite) Mg, Si

on {100}, | a=6.39A [65, 134]

Table 2.1. Shape, preferential orientation, crystalline structure and composition of

the meta-stable precursors and of the stable 8 phase.
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Figure 2.1. Principle of the friction stir welding process ((© Hitachi, Ltd. website
1994, 2006)

of a threaded pin and a shoulder, is introduced into the material at the
joint axis until the shoulder is in contact with the upper surface of the
plates. Heat generated by friction and deformation brings the material
in an extremely malleable state that allows the tool to move forward
with limited effort and the material to flow from the front to the back of
the tool where it cools down (see Figure 2.1). The weld is asymmetric
since on one side of the weld, called the advancing side, the rotation of
the tool is in the direction of the advancing velocity, while on the other
side, called the retreating side, it is moving in the opposite direction.

The quality of a friction stir weld is highly dependent on the tool geo-
metry. The presence of a tread on the pin allows welding thick plates
without defects but many other geometries have been imagined by tool
designers in order to improve the welds quality. Figure 2.2 shows two
examples of tools developed by The Welding Institute (TWI), UK. The
friction stir welding machines classically used for weld production are
of two types: displacement or force controlled. The displacement con-
trolled machines are highly rigid milling machines. The force controlled
machines impose the desired vertical force at all times during welding.
One of the advantages of force controlled machines is the tolerance to
workpiece gaps and small thickness differences [93].
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Figure 2.2. Worl™ and MX Triflute™ tools developed by TWI, UK (Copyright
2001, TWI Ltd) (from [136])

Friction stir welding was initially developed for welding aluminum al-
loys but nowadays many other materials have been successfully welded
with this process. Studies have been made on copper, magnesium, tita-
nium, thermo-plastics, steel and stainless steel (see references [175-232]
of [92]). The problem when welding high melting temperature alloys
(i.e. steel) is the need for specific tooling made of highly resistant ma-
terials, which constitutes the main limitation of the process for friction
stir welding those materials.

2.2.2 Advantages and limitations of the process

Friction stir welding has many advantages, including the following:

e F'SW is a solid phase process avoiding thus, in principle, problems
of hot cracking and porosity.

e Low distortions are observed due to the relatively low temperatures
associated to this solid state process and to the rigid clamping of
the plates.

e There are no consumables, filler metal or gas.

e There are no fumes, no UV radiations, no spatters and, therefore,
the process is environmentally friendly.

e The procedure can easily be automated, requiring limited training
of the welders.
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Welding can be carried out in any position since no fused metal
bath is present.

High joint efficiencies® has been achieved in aluminum alloys (see
Table 8 of [92] and Table 3 of [55]).

Alloys generally classified as unweldable by fusion processes (e.g.
2xxx [110] and 7xxx [83] series aluminum alloys) give high quality
friction stir welds.

Dissimilar alloys can be welded together giving high quality welds
(see Table 24 of [92]).

The ability to butt join two materials of different thickness allows
reducing the weight of structures to be welded by an appropriate
design.

It is an energy efficient process, only 2.5% of the energy used for
laser welding is used [92].

The following limitations must be underlined:

Specific FSW defects are observed (kissing bonds and tunnel de-
fects) when the welding parameters are not adapted.

The rigid clamping of the plates leads to significant residual stresses
(see Figure 2.3).

An exit hole is left over after withdrawing the FSW tool, unless a
pin retractable tool is used (NASA patent).

Significant down force and transverse forces are applied and con-
sequently very stiff machines are required.

FSW machines are not very flexible even though the robotizing of
the process has been improved over the last years.

The length of the tool pin has to be adapted to the different thick-
nesses to be welded.

An expensive TWI patent license is required for using the process.

3The definition of the joint efficiency will be given later. It relies on the loss of
strength with respect to the base material.
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Figure 2.3. Longitudinal residual stress distribution in 6013 — T4 friction stir welds
determined by different measurements methods, the shoulder diameter is of 15 mm
(from [22]).

The high quality of the welds produced and the reproducibility of this
fully automated process has provided the impetus for many industries
to already implement it in production. The first friction stir welding
installation was made at Hydro Marine Aluminum (Norway) to assem-
ble large panels for base structure of ferries. Later, aeronautics and
aerospace applications have been developed. The Eclipse Aviation Cor-
poration’s business jet and the Boeing Company’s fuel tanks of the space
shuttles Delta IT and Delta IV are some of the early applications of the
process in these industries. Automotive and railway industries have also
jointed parts by friction stir welding.

2.2.3 Microstructural zones in a friction stir weld

A friction stir welding joint consists of various zones involving different
microstructures and mechanical properties, as shown on Figure 2.4. The
heat affected zone (HAZ) is the furthest away from the joint line and is
not deformed but the dissolution and coarsening of precipitates due to
the thermal cycles influence the mechanical properties of this zone. The
thermo-mechanically affected zone (TMAZ) and the nugget have been
highly deformed. Contrarily to the TMAZ, the nugget is dynamically
recrystallized |76, 129].

The dislocation density in the nugget zone is very low compared with
the TMAZ |11, 75, 76, 111, 115, 142]. The nugget grains are equiaxed
and much smaller size (several ym) than the base material grains. This
small grain size has apparently a second order effect on the hardness
of the nugget in age-hardenable aluminum alloys [75]. Under specific
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welding conditions, so-called onion rings can be observed in the nugget
(see macrograph in Figure 2.4).

2.2.4 Precipitates evolution of friction stir welds in 6xxx
series aluminum alloys

The coarse phases in the friction stir welds are essentially broken in
smaller particles in the central zone of the weld [75, 76]. However, C.
Gallais [50] observed no significant reduction in the size of these phases
in the nugget zone of a 6056 friction stir weld. Nevertheless, he suggested
that the reduction of volume fraction observed in that region compared
to the base material could be due to the breakage of these phases in
so tiny phases that they were under the detection limit. Sutton et al.
[130, 131, 147] have shown that the coarse phases observed by SEM
are non uniformly distributed in the nugget zone of a 2024-T3 friction
stir weld. Particles rich bands are separated by particles poor bands
and their spacing seems to be related to the welding tool advance per
revolution. Similar conclusions to those proposed by Gallais [50] were
drawn by these authors: the lower value of the particles volume fraction
in the weld center cannot be caused by dissolution at the temperatures
imposed by the friction stir welding process. Sutton et al. [131, 147]
obtained a surprising result: the average particle diameter was clearly
lower in the weld center but higher on the retreating side than on the
advancing side.

Sato et al. [113] studied the evolution of the hardening precipitates
by TEM observations throughout a 6063-T5 friction stir weld. The base
material contains a great amount of needle-shaped precipitates. In the
region were the hardness starts to drop, the density of needle-shaped
precipitates decreases while the density of rod-shaped precipitates in-
creases. The minimum hardness region has a low density of large rod-
shaped precipitates. In the central zone of the weld, all the precipitates
are dissolved. Figure 2.5 shows the relationship between hardness and
hardening precipitates evolution. The TEM campaign of Sato et al.
[115] hardly revealed any apparent differences in precipitate distribution
between the advancing and retreating sides. Lee et al. [75] got sim-
ilar conclusions to Sato et al. [113] from their TEM observation of a
6005-T6 FSW. The needle-shaped precipitates are identified as 8" preci-
pitates and the rod-shaped precipitates as (3’ precipitates. Sato et al.
[114] showed that a post-weld heat treatment on a 6063-T5 friction stir
weld forces the precipitation of 3” phases in regions were at least a part
of the magnesium and silicon is in solid solution.
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Figure 2.4. Microstructural zones of a friction stir weld (macrograph from [10]).
BM = base material; HAZ = heat affected zone; TMAZ = thermo-mechanically af-
fected zone.
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Figure 2.5. Relationship between precipitate distribution and the hardness profile
in a 6063-T5 friction stir weld (from [113])

The precipitation evolution in friction stir welds of higher copper con-
tent 6xxx series aluminum alloys seems to be different. Liu et al. [76]
identified a complex fine precipitation evolution in the heat affected zone
by observing 6061-T6 friction stir welds with TEM. They concluded that
the hardness drop zone is composed of lath-like precipitates containing
more copper than the base material fine precipitates. They observed
far fewer large precipitates in the weld center. Svensson et al. [132]
and Denquin et al. [29] studied respectively a 6082 and a 6056 friction
stir weld and showed heterogeneous precipitation on the dispersoids that
have respectively been identified as (3’ phases and @ phases. Denquin et
al. [29] showed that a post-weld heat treatment induces a homogeneous
fine precipitation inside the grains.

2.2.5 Mechanical tensile properties of 6xxx series alu-
minum alloys friction stir welds

Two types of tensile tests can be performed on the welds in order to
determine their mechanical properties:

e classical transverse tensile tests were all the zones of the weld are
deformed at the same time, and

e local tensile tests on the different zones of the weld.
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The transverse tensile samples are made of an inhomogeneous mater-
ial and does thus not provide intrinsic material properties. These tests
mostly allow the identification of the location of fracture and the deter-
mination of the joint efficiency (ratio of the joint to the base material
ultimate tensile strength). These are two basic indications of the quality
of a weld allowing the comparison between different welding conditions
and processes. Joint efficiency values for friction stir welded 6xxx series
aluminum alloys are case dependent with values ranging from 60% to
90% |75, 92, 110, 142|.

Fracture of transverse tensile samples generally occurs in the heat af-
fected zone on the retreating side of the weld for the welds of the 6xxx
aluminum alloy series containing low copper concentration |77, 110, 115].
Fracture of friction stir welds of other aluminum series does not system-
atically occur on the same side of the weld nor systematically in the heat
affected zone. Sato et al. [115] and Denquin et al. [29, 30] showed that
the position of fracture is linked to the minimum hardness and corre-
sponds to the outer limit of the stirred zone if no post-weld heat treat-
ment is applied. Sato et al. [115] showed that this minimum hardness
moves away from the centerline when a post-weld heat treatment of the
T6 type is applied. This change of position is linked to the microstruc-
ture and in particular to the solid solution concentration evolution in
the friction stir welds. Denquin et al. [29, 30] did not observe this move
of the minimum hardness but the alloy studied (a 6056-T78) contained
more copper which drastically changes the precipitation modes. Liu et
al. [77] studied 6061-T6 friction stir welds and showed that the position
of fracture gets closer to the weld centerline when the advancing speed
increases.

The local tensile properties of a friction stir weld have not been so
extensively studied since extracting small tensile samples from the welds
is not obvious and is time consuming. Nevertheless the studies by von
Strombeck et al. [142]|, Sato et al. [115], Denquin et al. [29, 30| and
Cabibbo et al. [11] have to be mentioned. These authors concluded that
the yield strength variation is similar to the hardness variation. The
definition of the fracture strain parameters being unclear, it is not easy
to draw general conclusions on its evolution. Nevertheless, a general
trend is that the fracture strain of the weld central region is lower than
the fracture strain of the base material if the base material is in the T4 or
in the T6 state. von Strombeck et al. [142] extracted tensile specimens
from the different zones of a 6061-T6 friction stir weld. The HAZ had
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Figure 2.6. Evolution of the local tensile properties throughout a friction stir weld
for different base materials of the 6xxx aluminum alloy series (out of von Strombeck
et al. [142] and Gallais et al. [51]). Lowest values are in bold. R, is the yield
strength; R, is the ultimate tensile strength and n, is the strain hardening exponent
at necking.

a lower strain hardening ability than the weld center region. This gives
a different distribution of the ultimate tensile strength from the yield
strength distribution.

The author has contributed to the study by Gallais et al. [51] which
aimed at understanding and predicting the tensile behavior of 6056-T78
and T4 friction stir welds. The weld center region had a good hardening
ability (high strain at necking value) equivalent to the T4 base mater-
ial level. Minimum values of the strength and strain at necking were
observed in the heat affected zone closest to the TMAZ. The strain to
fracture of the base material is lower than that of the HAZ weakest zone.
The T4 state has lower values of the strain to fracture than the T78 state.
The importance of the coarse phases and the dispersoids density on the
fracture process are put forward in that study.

Figure 2.6 shows the variation of the local tensile properties through-
out a friction stir weld for different base materials as found in the work
by von Strombeck et al. [142] and by Gallais et al. [51]. Even though
the distribution in tensile properties vary for different base materials, in
particular regarding the yield strength distribution, the weakest zone is
always the heat affected zone.
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Chapter 3

Experimental methods,
tooling and base materials

3.1 Experimental welding device

3.1.1 Conventions

The z direction is the direction of the plate thickness (z = 0 on the
top surface of the workpiece), the x direction is the welding direction
(x = 0 at the center of the tool when starting the welding) and the y
direction is the transverse direction pointing toward the retreating side
of the weld (y = 0 at the center of the weld). The tool always rotates in
the clockwise direction.

3.1.2 Welding machine and tools

A HERMLE 3-axis CNC milling machine (UWF 1001 H) has been
adapted to make friction stir welds. The main characteristics of that
milling machine are:

e Maximal nominal power : 12 kW
e Working space (z, y, z) : 700 x 550 x 500 mm,
e Nominal position accuracy : 0.01 mm,

e Advancing speed : varying continuously from 1 to 5000 mm /min,

Rotational speed : varying continuously from 25 to 4200 rpm.

The rotational speed and advancing speed are continuously measured
and accurately controlled by the CNC controller of the milling machine.

21
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Figure 3.1. Geometry of the friction stir welding tool used for the high advancing
speed welds.

Two friction stir welding tools have been mounted on the machine. The
first having a 5.5 mm long inversely treaded pin is used for making hot
welds (advancing speeds lower than 350 mm/min) and the other has a
5.7 mm long treaded pin. The choice of using two different tools is made
to weld without root defects with a wide variety of welding parameters.
The shoulders are both 20 mm in diameter and the pin is 7 mm in
diameter. The tread is 1 mm deep and has a pitch of 1 mm. Blades are
mounted on the tool body to avoid excess heating of the machine’s head
while welding (see Figure 3.1). The tool should preferably be in a wear
resistant H13 hardened tool steel but for 6xxx series aluminum alloys,
mild steel is sufficiently hard. The tool is tilted backward by 2°.

In order to rigidly clamp the workpiece, a backing bar is fixed on the
table of the milling machine. This CK95 steel backing bar is 450 mm
wide, 630 mm long and 80 mm thick. The two plates to be welded are
both 70 mm wide, 590 mm long and 6 mm thick. In order to limit
the vertical movement of the plates during welding, four spring clips
have been fixed on the backing bar on each side of the workpiece. Heat
transfer in the spring clips was limited by placing PVC sheets between
the extremity of the spring clips and the workpiece. The movement of
the workpiece in the advancing direction is blocked by two steel pins 10
mm in diameter that are positioned at the end of the backing bar. The
movement in the y direction is blocked by four of these pins located on
each side of the weld.
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3.1.3 Measurements during welding

The forces in the three directions of space (F, F, and F,) as well
as the torque M, (along the tool axis) were measured using a rotating
Kistler 9124A dynamometer adapted to the welding head located just
above the friction stir welding tool. The dynamometer was calibrated
using a tensile machine and an adapted traction system. Measurements
during welding of welds performed at the beginning of the research have
also been compared with a fixed dynamometer results. No major differ-
ences were measured. The forces F, and F, are measured in rotating
coordinates with a zero fixed by the zero-count output. This zero count
output allows measuring also the tool’s rotating speed. The rotating
speed given by the CNC controller was identical and no variation was
observed during welding, therefore no further interest was given to this
type of measurement.

Type K Thermo-Electric MTS-56050 thermocouples (0.5 mm in di-
ameter) were embedded into the workpiece on the advancing and the
retreating sides and within the backing plate by drilling holes of 0.6 mm
in diameter and introducing a conducting pasta in the hole. The loca-
tions of the thermocouples are provided in Table 3.1 (see also Figure 3.2).
Thermocouples 7 to 10 were located under the tool shoulder by drilling
holes in diagonal. Two additional thermocouples were also inserted into
the tool axis, respectively 3 and 13 mm above its shoulder. Figure 3.3
shows a picture of the welding device.

3.2 Microstructural characterization methods

3.2.1 Optical and electron microscopy

Optical and scanning electron microscopy. After having classi-
cally polished up to 1/4 pm the sections to be observed, they were ob-
served using a high resolution camera and optical and scanning electron
microscopy (SEM). The macrosection, the grain size and the shape of the
welds were observed on transverse sections and the coarse phases were
observed at mid-thickness in the plate section (see Figure 3.4). Prior
to camera and optical microscopy observations of respectively the weld
shape and the grain size, the sections were chemically etched in a Keller
solution [94] for 2 to 5 minutes until the best contrast was reached. The
best contrast in scanning electron microscopy for the observation of the
iron rich phases was obtained using the backscattered electrons. The
base material was observed on the same section for comparison.
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Thermo- | Distance from Distance Depth below

-couple start (center | to the weld | the surface | Side

number of tool) centerline [mm]

[mm)| [mm)|

1 430 20 3 A
2 430 16 3 A
3 440 14 3 A
4 430 12 5 A
5 440 12 3 A
6 440 12 3 R
7 420 9.2 2.8 A
8 420 9.2 2.8 R
9 410 7.2 3.3 A
10 410 7.2 3.3 R
11 420 0 7 B

Table 3.1. Position of the workpiece and backing plate thermocouples (A = advan-
cing side, R = retreating side, B = within the backing plate)
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Figure 3.2. Schematic showing the position of the thermocouples in the workpiece.
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Transmission electron microscopy. The dispersoids and the fine
precipitates were observed in a Leo 922 transmission electron microscope
(TEM) under 200 keV and the EFTEM (Energy-Filtered Transmission
Electron Microscopy) mode. Samples were prepared from a 3 mm di-
ameter rod extracted transversely to the welding direction of the welds
(along the y direction) or extracted from the base material. These rods
were sliced into 300 pum thick samples. The thickness was then reduced
to 100 pum by manual polishing. The final thickness reduction was ob-
tained by electro-polishing with a HNOj3 solution (HNO3 30% in volume
in methanol at —30°C under 9 V). The observation of the 3" and J’
precipitates was always done under the 001 zone axis.

A complete analysis of the base material precipitation was overtaken.
The thickness of the samples was estimated using the EELS method
(Electron Energy Loss Spectroscopy). Myhr et al. [101] announce an
accuracy of the thickness prediction by this method of £9%. Two fric-
tion stir welds were analyzed by TEM looking only at the 5" and 3
precipitates.

3.2.2 Differential Scanning Calorimetry

Differential Scanning Calorimetry (DSC) measures the liberation or
absorption of energy in a sample due to a thermal cycle. Figure 3.5
shows the principle of a DSC apparatus. The temperature of the heating
chamber follows a given thermal cycle and the temperature of the samples
are measured simultaneously. The first sample is a reference and the
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Figure 3.5. Principle of Differential Scanning Calorimetry (from [50])

second one is the sample of interest. Calibration of the apparatus allows
determining the heat flux from the measured temperature difference.
The heat flux is representative of the phase transformations which do
not occur in the reference and which do occur in the investigated sample.

DSC measurements have been performed on a TA instrument MDSC
2920 apparatus at the ONERA, Chatillon, France. The samples have
been prepared similarly to the TEM samples but their diameter was of
5 mm. The slices of the rods were 1.5 mm in thickness and were reduced
by manual polishing to a mass of 75 mg. The DSC reference is pure
aluminum in order to capture the effect of the alloying elements present
in the studied sample. The heating rate was constant and equal to 20
°C/min. Since a slight increase in the heat flux is observed when using a
pure aluminum as sample, it is classical to subtract this base line to the
results obtained for alloyed samples [50]. Different samples have been
studied:

e two base material samples;

e two solution heat treated samples measured respectively after 3
weeks of natural aging and after 1.5 years of natural aging;

e samples extracted along the section of a weld with parameters 1000
mm/min and 1000 rpm (measured after 1 year of natural aging
after welding);
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Phase transformation | Temperature | Base references

GP zones precipitation 160°C [9, 144, 148, 150]

GP zones dissolution 200 — 220°C [9, 57, 90, 144]

3" precipitation 260°C [9, 35, 56, 58, 148, 150]

A" dissolution 265°C [90, 144| announce

(if initially T6) about 240°C

B and B’ precipitation 290 — 310°C [36, 56, 58, 90, 56|,
[150, 9, 34, 35|

B and B’ dissolution 380 — 420°C /

Si 1% precipitation peak | 300 — 320°C [57, 58, 90, 150]

Si 2™ precipitation peak | 450°C [57]

Si dissolution 520°C [90]

Mg, Si precipitation 460 — 470°C [34, 36, 56, 57, 58]

Mg,Si dissolution 500 — 510°C | [34, 58, 90]

Table 3.2. Temperatures of DSC peaks corresponding to different phase transfor-
mations

The identification and interpretation of the DSC peaks and valleys
is based on literature and is summarized in Table 3.2!. An exothermic
peak () > 0) corresponds to a precipitation and an endothermic peak
(Q < 0) corresponds to a dissolution. The peak area corresponds to
the extent of the precipitation [56]. The positions of the peaks shift
to higher temperatures if the precipitates are coarser. The presence of
excess silicon can have an influence on the temperatures of the peaks [57].
The peaks of aluminum alloys of the 6xxx series are highly convoluted
which can affect the identification of the peaks [50, 57].

3.3 Mechanical tests

3.3.1 Global mechanical properties characterization

Tensile tests on the base material (aluminum alloy 6005A-T6) and on
heat treated specimens were performed on a ZWICK 50kN machine. The
samples were 6 mm thick, 12.5 mm wide and had 45 mm of measurement
basis for extensometry. Three tests were performed on the base material
samples both in the extrusion and transverse long directions in order to
quantify the scatter and anisotropy of the mechanical properties. Indeed,

!The references are given only to confirm that the identified values of the tempera-
tures of transformation are in a reasonable range since their values are very sensitive
to the test conditions.
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Figure 3.6. Global transverse tensile test on a weld

the alloy 6005A used in our study was extruded as 150 mm wide and 6
mm thick plates which induces significant anisotropy in the mechanical
properties.

Global tensile tests on the welds were performed in the transverse
long direction since the welding direction was the extrusion direction.
The geometry of the weld tensile specimens and base material specimens
were similar (see Figure 3.6). The yield strength of a weld is difficult
to define since the sample is heterogeneous and plasticity starts in a
very confined region. Therefore, the yield strength of the welds was
conventionally defined at 0.1% of offset to linearity.

The reduced section S, of these two types of macro-samples after frac-
ture were obtained using a profile projector. S, is then defined as:

S, =W, xT, (3.1)

where W, and T, are respectively the reduced width and thickness.

3.3.2 Local mechanical properties characterization

The 1 kg Vickers hardness of five welds was measured with a ZWICK
3202 machine along the transverse section at various through thickness
positions before and after a post-weld heat treatment. To insure correct
positioning of the hardness points, the position of a given hardness point
was measured on an electronic profile projector. Finally, results were
interpolated to determine the mid-thickness hardness evolution.

Digital Image Correlation (DIC) was performed on the transverse sec-
tion of the same five welds in order to obtain by image correlation the
logarithmic in-plane strain maps during tensile testing. The transverse
section was initially painted in white and then painted with small black
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Figure 3.7. Extraction of the local tensile samples on a friction stir weld based on
the hardness measurements

dots. Marks were also painted on the other side of the specimens in order
to accurately determine the specimen fracture location.

Micro-tensile samples 0.8 mm thick were machined by electro-erosion
parallel to the weld axis in each relevant zone of the five reference welds.
Three samples were tested for each welding condition and region of the
weld, giving a total of 135 samples. The shape of these zones being tilted
for certain welding parameters (high advancing speeds, see hardness mea-
surements in Figure 6.20(a,b)), some samples had to be machined at
specific angles with respect to the axis normal to the plate (see Figure
3.7). Two samples were extracted from the HAZ. The first specimen,
called HAZ1, presented an intermediate hardness (80 —95 HV1) and the
other, called HAZ2, had the lowest hardness (60 — 70 HV1) (Figure 3.7).
The mid-thickness hardness of the tensile samples were also measured
before the tensile tests in order to ensure correct positioning of the HAZ1
samples and to link the yield strength with the hardness. Macrographs
of the welds allowed correct positioning of the TMAZ samples.
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Figure 3.8. Rupture section of a micro-tensile sample

The fracture strain of the micro-tensile specimens was measured di-
rectly on the fracture surface in a scanning electron microscope. The
reduced section S, was measured by image analysis. A mechanical in-
homogeneity index was defined as the ratio of the smallest edge thickness
to the largest edge thickness lg/l1, (see Figure 3.8).

3.3.3 Analysis of the tensile curves

In addition to the yield strength R,, the ultimate tensile strength
R,, and the true strain at the onset of necking &,, other mechanical
properties are obtained through the tensile test.

e The true fracture strain e is defined as:

S;
=In(— 3.2
er = In( Sr) (32)
were S; and S, are respectively the initial and reduced section of
the tensile samples.

e The strain hardening exponent n is defined as:

_ 9 80’f
n = o7 e (3.3)

e The strain hardening exponent at necking n,, is defined as:

3 aO'f
= —— 3.4
T of Oe E=€qy ( )

e The dislocation storage rate ¢ and the recovery rate 3 are defined

as: d
gf
T =0l —o) (35)

were oy is the flow stress, g, is the plastic strain and oy is the
yield strength. # and § are obtained by a linear fit on the variation
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Figure 3.9. Strain hardening 6 and § parameters identification from a tensile curve
(tensile curve of a micro-tensile sample extracted from a friction stir weld heat affected
zone). oy is the flow stress; oy is the true yield strength

of the strain hardening rate doy/de with the true flow stress in
plasticity (o) (see Figure 3.9). The elastoplastic transition and
the localization (necking) stages are excluded of the linear fit. The
physical basis of these parameters will be presented in chapter 8.

3.4 Base material properties

3.4.1 Chemical composition of the alloy

The main alloying elements of the aluminum alloy 6005A-T6 are mag-
nesium and silicon. Two different 6005A alloys have been investigated
in this study, 6005A alloy number 1 and 6005A alloy number 2. These
alloys are furnished in 6 mm thick extruded plates. The composition of
the alloys have been determined by a chemical analysis and are summar-
ized in Table 3.3. The main difference between these two alloys is the
copper content. Alloy 1 contains more copper. If the opposite is not
explicitly mentioned, the alloy used for experiments and modeling is the
alloy 6005A number 1.
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Alloy | Al Si | Mg | Fe | Mn | Cu Cr Ti | Zn
n°1 | 98.18 | 0.81 | 0.48 | 0.24 | 0.11 | 0.09 | <0.01 | 0.02 | 0.07
n°2 |9823|0.87 047 ] 0.22 | 0.11 | 0.02 | 0.03 | 0.03 | 0.02
Table 3.3. Composition of the two 6005A aluminum alloys [wt%)]
Direction of loading Extrusion Transverse
long
Yield strength at 0.2%, R, [MPa 265.5 + 2.2 255.5 £ 0.7
Tensile strength, R, [MPa] 2878 £1.2 276.8 £ 0.7
True strain at onset of necking, &, | 0.086 4+ 0.001 | 0.078 £ 0.002
Strain hardening exponent, n,, 0.085 4+ 0.002 | 0.081 & 0.003
True fracture strain, e 0.20 £ 0.04 0.18 £ 0.01
Dislocation storage rate, § [MPa] 918 £ 29 806 + 4
Recovery rate, 3 11.8 £ 0.4 10.1 0.3

Table 3.4. Tensile properties of the base material 6005A-T6 in the extrusion direc-
tion and transverse long direction

3.4.2 Mechanical properties

The tensile properties of base alloy number 1 in the extrusion di-
rection and transverse long direction are given in Table 3.4. The yield
strength of base alloy number 2 is of 261 MPa (value given by the alloy
manufacturer, SAPA RC Profile).

The hardness of the base alloy number 1 measured on a transverse
surface is equal to 105 HV1 and does not vary through the thickness (a
slight decrease of hardness is sometimes observed at mid-thickness). The
hardness is only slightly anisotropic. A small HV1 difference is measured
between the upper or the side surfaces but this average difference falls
within the measurement error bar. The base alloy number 2 is a bit
softer with a hardness equal to 95 HV1.
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ABSTRACT

Predicting the thermal history during the friction stir welding
process is an important step in the understanding of the behav-
ior of friction stir welds. Indeed, the thermal cycles are at the
origin of the microstructural evolution in the different zones of
a weld. Studying the effect of welding parameters on the ther-
mal cycles will also help revealing the cause of the difference in
behavior between hot welds (low advancing speed and high ro-
tational speed) and cold welds (high advancing speed and low
rotational speed). In addition to the prediction of the ther-
mal cycles during the process, the thermal model developed in
chapter 5 provides insights about the contact conditions both
at the tool / workpiece interface and at the workpiece/backing
plate interface that influence the thermal cycles measured dur-
ing welding (chapter 4).

The measurement of the torque during welding gives the to-
tal power needed to execute a weld. The power input is more
affected by the advancing speed than by the rotational speed
and increases linearly with the advancing speed. The measure-
ment of the tool temperature at two different distances from
the tool shoulder gives an estimate of the heat loss into the
tool. Hence the power that is really introduced in the plates
to be welded can be inferred from those measurements.

Chapter 5 presents a simple finite element model predicting
the thermal cycles during the welding process. This pseudo
steady-state model includes the effect of convection of material
from the retreating side to the advancing side of the weld by
introducing a simple distribution of the circumferential velo-
city.

The power input is the sum of all the heat sources in the
thermal model. The thermal model distributes this power in-
put between surface and volume heat sources. The surface heat
sources are attributed to frictional effect while the volume heat
sources are attributed to the heat generated by plastic deforma-
tion due to material stirring. The comparison of the measured
and predicted thermal cycles brought the conclusion that heat
is generated by material deformation in a very thin layer sur-
rounding the tool. Hence, if material convection is introduced
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in the model the heat generation can be simply modeled by
surface heat sources even though heat is generated by material
deformation.

The thermal model shows that the contact between the work-
pieces and the backing plate contributes substantially to cooling
down the workpiece during welding. The contact is not per-
fect everywhere at the interface. Comparing the predicted and
measured thermal cycles showed that the contact is the best
where a visible indentation is observed at the bottom of the
welded plates, i.e. where the tool has squeezed the workpiece
against the backing plate.

The temperature measurements presented in chapter 4 show
that the advancing side of the weld is generally hotter that the
retreating side of the weld. The thermal model has allowed
understanding this effect by the introduction of material con-
vection. Hence, it is the movement of hot material from the
retreating side of the weld to the advancing side of the weld
that is at the origin of the asymmetry of friction stir welds
much more than the difference in friction between the sides of
the weld which would cause a hotter retreating side. This is
coherent with the identification of a more important effect of
the ”stirring” than of the "friction” in the friction stir weld-
ing process. The thermal model also reproduces correctly the
lower level of asymmetry for low advancing speed welds.



Chapter 4

The mechanical and thermal
welding conditions

This chapter presents the results of the measurements done during
welding and the observed weld shape. These measurements include the
forces and the torque as well as the thermocouple measurements. The
important features discussed in this chapter are the evolution of the
friction coefficient with the welding parameters, the relevance of the weld
pitch as the key welding parameter, the determination of the welding
efficiency and the asymmetry in temperature distribution. The results of
this chapter will be the basis and the validation material for the thermal
modeling presented in chapter 5.

4.1 Results

4.1.1 Welding conditions

Table 4.1 gives a summary of the welding conditions of the welds
extensively studied in this work. The plunging speed was of 20 mm/min
and the plunge depth was such that the "theoretical”! penetration of the
shoulder in the material was 0.25 mm. The longitudinal movement of
the tool was started as soon as the total plunge depth was attained.

4.1.2 Power and forces during welding

Figure 4.1 shows the evolution with time of the torque and the forces
in the three directions of space. A first stage corresponds to the plunge

!The deformation of the machine causes the true penetration to be slightly less
than the theoretical one.

39
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Experiment number 1 2 3 4 )
Advancing speed [mm/min| | 200 | 200 | 200 | 765 | 1000
Rotational speed [rpm)| 500 | 750 | 1000 | 1000 | 1000

Table 4.1. Welding conditions for the welds extensively studied.

of the pin in the material (0 s < time < 17 s). The vertical force (F})
increases rapidly in that stage but the maximum value can be mitigated if
the plunging speed is decreased. The torque is relatively constant during
that stage and the in-plane forces (F, and Fy) are negligible. When the
shoulder touches the workpiece surface, a small peak force is sometimes
observed if the plunging speed is too high. This peak must be limited
as much as possible since it is the maximum force the machine has to
hold up. The choice of a slow plunging speed of 20 mm/min eliminates
this peak. The second stage is reached when the tool starts advancing
(17 s < time < 51 s). A plateau is very rapidly obtained. The forces
and torque values are much higher than the ones in the first stage if the
plunging speed is not too high. These steady values of the forces and
torque will be the only one discussed later on. The final stage consists
in the extraction of the tool from the welded plates (time > 51 s). This
slightly affects the plate forces (F} and Fy) due to the pin tread.

The scatter was determined by repeating the same weld many times.
By repeating experiment number ”4” four times, the maximum deviation
from the mean of the measured torque M, in the stationary plateau was
found to be equal to 0.4 Nm. Measurements of the force in the welding
direction F, and the transverse force Fj never varied by more than 5
kg. The measurement of the vertical force F, varied more, up to 52
kg. This higher value is due to the fact that the friction stir welding
equipment used is displacement-controlled and not force-controlled. The
last experiment (number ”5") was also repeated three times and similar
maximum deviations were observed.

The total power input is inferred from the torque measurements (P is
equal to M, xw, where P is the total power W], M, is the torque [Nm)]
and w is the rotational speed [rad/s|). The experimental data show that
the contribution of the force F, in the welding direction to the total
power is negligible.
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Figure 4.1. Forces and torque evolution with time for weld number "5 (1000
mm/min and 1000 rpm). The initial time (0 s) corresponds to the moment the tool
pin gets in contact with the plate surface. The tool starts to move forward after about
17 s.

Figure 4.2(a) shows the variation of the total mechanical power with
the welding parameters. The total power input is influenced more by the
advancing speed than by the rotational speed. A higher rotational speed
corresponds to a slightly higher total power. In the range of process
parameters tested in the present study, the variation of P with respect
to the advancing speed is almost linear. Equation (4.1) gives a good
estimation of the total mechanical power.

P[kW] = 2.66 4 0.00322 x v[mm/min] (4.1)

where v is the advancing speed [mm/min].

Figure 4.2(b) shows the variation of the vertical force with the welding
parameters. The vertical force increases with increasing welding speed.
An increase of the rotational speed tends to increase the vertical force
(F,) in analogy with the total mechanical power.

Figure 4.2(c) and (d) give the evolution of the in-plane forces (F, and
F,) for different welding parameters. These forces globally increase with
increasing welding speed. The effect of the rotational speed is not clear
in all cases but the global tendency is to a decrease of the in-plane forces
with increasing rotational speed.
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Figure 4.2. Forces and torque in stationary state for different welding parameters
(a) Total mechanical power (b) Vertical force (F.) (c) Force in the welding direction
(Fz) (d) Transverse force (Fy). Error bars show the experimental scatter when more
than one weld was executed for a given welding parameter.
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Figure 4.3. Temperature evolution with time for weld number ”5” (1000 mm/min
and 1000 rpm): (a) Temperature cycles on advancing and retreating side of the weld
(b) Temperature cycles at different distances from the centerline and at a different
depth.

4.1.3 Temperatures measured in the aluminum plate and
in the tool

The temperature cycles measured by different thermocouples for weld
number ”5” are given in Figure 4.3. Temperature decreases rapidly when
moving away from the centerline. The temperature measured at a 5 mm
depth is similar to the one measured at a 3 mm depth. Hence, the effect
of depth is not marked at 12 mm from the centerline.

In order to show the effect of the advancing speed on the heating
and cooling rates, thermocouples giving similar maximum temperatures
(about 350°C) have been selected. Indeed, the weakest zone of a weld has
always a maximum temperature of about 350°C. Figure 4.4(a) shows that
the heating and cooling rates increase significantly when the advancing
speed increases. In the range of welding parameters used for this study,
the rotational speed has no perceptible effect on the heating and cooling
rate. The heating and cooling rates are key parameters when looking at
the microstructural evolution due to a thermal cycle.

A study of the scatter in the temperature measurements has been un-
dertaken because imprecise thermocouple positioning can always affect
the quality of the temperature measurements since steep thermal gradi-
ents are present in the near tool region. By repeating experiment number
"4" four times, the maximum deviation from the mean of the measured
maximum temperature was found to be equal to 7°C. A similar level of



44 Chapter 4

L
o
o

—— 200 mm/min, thermo 5 || [ —— 200 mm/min, 500 -rpm
400 - = =765 mm/min, thermo 9 || 300+ | = = =350 mm/min, 1000 rpm|-
— 350 1000 mm/min, thermo 7| { —_—
o S 250/
o
5 200¢
©
g 150/
5
2 100
50¢ B
%0 S0 0 10 20 3 40 50 % 0 o0 10 20 30 40 50
Time [s] Time [s]
(a) (b)

Figure 4.4. Heating and cooling rates for different welding parameters. (a) Effect
of the advancing speed (for a rotational speed of 1000 rpm). Different thermocouples
on the advancing side at a 3 mm depth are compared in order to get the same
maximum temperature. Thermocouples 5, 9 and 7 are respectively at 12 mm, 9.2
mm and 7.2 mm from the centerline. (b) Assessment of the relevance of the weld
pitch (advancing speed/rotational speed) as parameter for the heating and cooling
rates for thermocouple 3. Time = 0 s corresponds to the maximum temperature.

deviation also applies to the temperatures measured in the tool except in
one case (maybe the thermocouple moved out of the hole in that case).
Dickerson et al. [17] found a standard deviation on their temperature
measurements of about 10°C.

Figure 4.5 shows the effect of the welding parameters on the maxi-
mum temperature. In all cases, temperature increases when the advan-
cing speed decreases and when the rotational speed increases whether it
concerns positions close to the centerline (Figure 4.5(a)), away from the
centerline (Figure 4.5(b)), the tool temperature (Figure 4.5(c)) or in the
backing plate (Figure 4.5(d)).

4.1.4 Effects of the welding parameters on the weld shape

Figure 4.6 shows the effect of the welding parameters on the weld
shape. The thermo-mechanically affected zone (TMAZ) starts on top
of the weld at the tip of the shoulder and has a width at the bottom
of the plate of about 7 mm for all the welding parameters. This width
corresponds to the pin diameter. Other aspects of the weld shape are
influenced by the welding parameters:

e for low advancing speeds and high rotational speeds, the excess
flash increases.
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Figure 4.5. Maximum temperature measured by thermocouples for different welding
parameters: (a) Thermocouple 7 (9.2 mm from the centerline) (b) Thermocouple 1
(20 mm from the centerline) (c¢) Thermocouple in the tool 3 mm above the shoulder
(d) Thermocouple 11 (in the backing plate). Error bars show the experimental scatter
when more than one weld was instrumented for a given welding parameter. Tp is the

initial

plate temperature.
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Figure 4.6. Weld shape for different welding conditions (the advancing side of the
welds are on the left hand side)

e the shape of the TMAZ does not seem to significantly depend
on the advancing speed but rather on the rotational speed. The
TMAZ sticks more closely to the tool for high rotational speeds.
Lower rotational speeds tend to increase the TMAZ mid-thickness
width leading to a trapezoidal shape.

There are no clear evidences of asymmetries between sides of the welds
when looking at the TMAZ shapes.

4.2 Discussion

4.2.1 Evolution of the total mechanical power input with
the welding conditions

The literature is not clear about the dependence of the total mecha-
nical power input on the advancing and rotational speeds. Tang et al.
[133] interpreted temperature measurements on 6061-T6 aluminum alloy
welds (60 mm/min advancing speed) by concluding that with a higher ro-
tational speed, temperature should increase but that increasing tempera-
ture reduces the material flow stress which in turn limits the power gen-
eration and temperature increase. Colegrove et al. [17] concluded from
temperature measurements on 16 mm thick welds of 7075 aluminum al-
loy that the maximum temperature was close to the solidus temperature
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and therefore that heat generation was limited, which gives a weld power
independent of the rotational speed. They also suggested that the power
input is proportional to the square root of the advancing speed. On the
other hand, Record et al. [109] concluded from a statistical study on
7075 aluminum alloy welds that the power input is influenced by both
the rotational and the advancing speed.

From the literature it can be concluded that the material being welded
and the process parameters influence the effect of the rotational speed
on the power input since friction stir welding is a self regulating process.
In hot welds (low advancing speeds and high rotational speeds), the
power input seems to be relatively independent of the rotational speed.
Experimental results from the present study concern rather hot welds
which might explain the small influence of the rotational speed on the
mechanical power input.

4.2.2 Evolution of the forces with the welding conditions

The increase of the in-plane forces with increasing advancing speed
can be attributed to the fact that the material is colder and thus less
soft when moving more rapidly. We have shown that increasing the
advancing speed induces a decrease of the temperature measured away
from the centerline. The effect of the rotational speed on the temperature
is opposite to the evolution of the in-plane forces with the rotational
speed. This lead us to conclude that the temperature is not the only
variable affecting the in-plane forces but that the material stirring clearly
plays an important role in the magnitude of these forces. Nevertheless,
these forces are so small compared to the vertical force that they do not
constitute limiting factors for machine design.

Colegrove et al. [19] showed for different tools that the force in the
transverse direction F increases with increasing welding speeds. The
welding parameters were found to have a minor effect on the vertical
force F,. They mentioned two effects to explain the evolution of the force
in the welding direction F. Firstly, if the amount of stirring that the
tool shape induces in its surrounding increases, the force in the welding
direction F, decreases. Secondly, if the amount of material rotating
around the tool increases, F, increases. Record et al. [109] concluded
from their experimental statistical study on 7075-T7351 aluminum alloy
welds that the force in the welding direction F} and the vertical force F),
are mainly influenced by the advancing speed and that the force in the
transverse direction Fy, is mainly influenced by the rotational speed.
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Ulysse [139] developed a model of the friction stir welding process. His
parametric study of the influence of the welding speed on the forces lead
to the conclusion that all the force components increase when welding at
a higher welding speed or at a lower rotational speed. Chen et al. [14]
model provided similar conclusion concerning the effect of the rotational
speed but found only a minor effect of the rotational speed on the force
F,.

In conclusion, the effect of the welding conditions on the forces and
torque is not clear. A more thorough study of the material flow would
probably be useful for providing a more general and in-depth under-
standing of the effect of not only the welding parameters but also the
tooling and the machine type on the forces.

4.2.3 Shape of the TMAZ

The shape of our TMAZ is mainly affected by the rotational speed.
Colegrove et al. [17] drew opposite conclusions from their macrosection
observations. In their experiments, the size of the TMAZ diminished if
the welding speed increases but the rotational speed had no influence on
the TMAZ size.

4.2.4 Friction coeflicient

It is rather classical to link the vertical force (F) to the total mecha-
nical power (P) through a friction coefficient p assuming that all the
heat is generated by friction. The surface heat generated by the friction
of the tool on the material can be simply estimated by equation (4.2)
assuming constant pressure equal to pspouider [Pal [45]. Note that this
expression neglects the pin lateral surface contribution.

2

2
QS = gﬂﬂpshoulderwr% = gﬂsz""S (4'2)

where rg is the radius of the tool shoulder. If we assume that the power
is only generated by friction (hence P = QQg) we can estimate the friction
coefficient with the following expression:

P
H= 20 wore (4.3)
3LWrs
Figure 4.7 shows the evolution of the friction coefficient calculated by

expression (4.3) for different welding parameters. The friction coefficient
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Figure 4.7. Evolution of the friction coefficient with the welding parameters

is clearly more influenced by the rotational speed than by the advan-
cing speed since the vertical force F, and the power P depend more on
the advancing speed than on the rotational speed and that they both
increase when the advancing speed increases. In the thermal modeling
literature, we find all kinds of values for the friction coefficient. Some
are realistic like the one proposed by Frigaard [46] (¢ = 0.4 for welding
parameters of 300 mm/min and 1500 rpm and a shoulder diameter of 20
mm). Oppositely, the value proposed by Zahedul et al. [149] sounds very
low (1 = 0.15 for welding parameters of 139.7 mm/min and 500 rpm and
a shoulder diameter of 25.4 mm). Nevertheless, the hypothesis on which
this calculation is based are certainly too simplistic. The influence of
material deformation is clearly not negligible.

4.2.5 Relevance of the weld pitch as key welding param-
eter

The weld pitch is defined as the ratio of the advancing speed (in
mm/min) to the rotational speed (in rpm). It is classical in the fric-
tion stir welding community to use the weld pitch to compare the effect
of the friction stir welding parameters.

Figure 4.8(a) shows that the weld pitch is not the unique parameter
describing the process since the total mechanical power depends more on
the advancing speed than on the rotational speed as mentioned earlier.
Nevertheless, when looking at the maximal temperatures measured by
the thermocouples (see Figure 4.8(b)), it seems that the weld pitch is
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Figure 4.8. Effect of the weld pitch. (a) Total mechanical power evolution with the
weld pitch (b) Maximum temperature evolution with the weld pitch for thermocouple
1 (20 mm from the centerline) and 7 (9.2 mm from the centerline) and the tool
thermocouple embedded 3 mm from the shoulder.

a relevant parameter to rank monotonously the maximum temperatures
for different welding conditions. Care should still be taken since giving
the maximum temperature is not sufficient to describe a thermal cycle.
The heating and the cooling rate are more dependent on the advancing
speed than on the rotational speed and therefore the weld pitch does
not describe correctly their evolution. Figure 4.4(b) shows the thermal
cycles for a given thermocouple for two welds having similar weld pitches
but different welding parameters. Even if the maximum temperatures
coincide, the heating and cooling rates are different.

Reynolds et al. [120] have developed a 2-D computational fluid dy-
namics model to study the flow of material considering the heat input
to be due to viscous dissipation. They concluded that the weld pitch
is not the unique process parameter to consider. Temperature measure-
ments by Fujii et al. [48] show that the maximum temperature is mainly
dependent on the weld pitch.

4.2.6 Efficiency and heat loss in the tool

The measurements of temperature at two locations along the tool axis
allow a simple evaluation of the heat losses into the tool. From the
temperature gradient one can calculate the heat loss into the tool:

Asteel (T3 — T
Qtool = i l( ; 13) (44)




The mechanical and thermal welding conditions 51

I()('.lir
80|
60 o

—=+— 500 rpm
< 750 rpm
- 8-1000 rpm| ¢ S

g0l "8 - 1000 rpm

b b
:
g

Temperature difference A-R
b
<
Temperature difference A-R [°C]
5 &
o
@

200 400 600 800 1000 200 400 600 800 1000
Advancing speed [mm/min] Advancing speed [mm/min]

(a) (b)

Figure 4.9. Maximum temperature difference between the advancing and the re-
treating side of the welds (a) 12 mm and (b) 9.2 mm from the centerline

where Agtee; 18 the thermal conductivity of the tool steel (Agteer = 47
W/mK); T3 and Ti3 are the maximum temperatures measured inside
the tool at 3 mm and 13 mm from its shoulder, respectively, and d is the
distance between these two thermocouples (d = 10 mm).

An estimation of the welding efficiency is obtained by subtracting the
heat loss from the total power input:

_ P — Qtool
—p
In the range of welding parameters investigated in this study, the effi-

ciency does not seem to be dependent on the welding parameters and is
approximately equal to 95%.

n (4.5)

The value of the heat loss into the tool has also been studied in the
literature, leading to similar conclusions. Chao et al. [13]| and Dickerson
et al. [31], after modeling the temperature distribution in the tool and
comparing it to experiments, conclude that the heat loss is about 5%.
Dickerson et al. [31] give a value of 10% under steady-state conditions.
Many other authors use process efficiencies of about 90% in their model
of the process (Shi et al. [124], Schmidt et al. [119]).

4.2.7 Asymmetry in the temperature distribution

As observed in Figure 4.3(a), the maximum temperature on the ad-
vancing side is higher than on the retreating side?. Nevertheless this con-

2Note that the flexibility of the dynamometer causes the displacement of the weld
center of about 0.3 mm to the retreating side for all the welds such that errors in



52 Chapter 4

clusion, valid for most of the welding parameters of the present study, is
not always verified. For low advancing speeds and high rotational speeds,
the temperature can be slightly higher on the retreating side. Figure 4.9
shows the temperature difference between the advancing side and the
retreating side of the weld for various welding parameters 12 mm and
9.2 mm from the centerline.

The scientific literature globally agrees about the fact that the ad-
vancing side of a friction stir weld is hotter [3, 82|. But, Maeda et al.
[82] and Lawrjaniec et al. [74] concluded from their experimental re-
sults that a slightly hotter retreating side could be observed for some
welding conditions. Tang et al. [133]| found no significant difference in
the temperature distribution on the two sides of the weld. Clearly, the
welding conditions play an important role on the temperature difference
between the advancing and the retreating side of the weld.

4.3 Conclusions

This chapter presented and made a first analysis of the results of
the forces, torque and temperature measurements during welding. The
following conclusions have been drawn:

e The total mechanical power and the forces increase with increasing
advancing speed. The effect of the rotational speed is not so clear
but the tendency goes for an increase of the in-plane forces for
decreasing rotational speeds and an increase of the vertical force
and the total mechanical power for increasing rotational speeds.
The effect of the rotational speed on the total mechanical power is
clearly of the second order compared to the effect of the advancing
speed on the total mechanical power.

e The cooling and heating rate are increasing for increasing advan-
cing speeds. No marked effect of the rotational speed has been
identified.

e The maximum temperatures measured by the thermocouples de-
crease with increasing advancing speeds and increase with increas-
ing rotational speeds.

e The advancing side is clearly hotter for cold welds (high advancing
speeds) but for hot welds (low advancing speeds) the retreating
side could be hotter.

positioning do not explain this temperature difference between sides.
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The weld shape is more clearly affected by the rotational speed
than by the advancing speed.

The friction coefficient is of the order of 0.4 to 1 for the weld-
ing conditions studied in this thesis and is mainly affected by the
rotational speed.

The weld pitch is a relevant parameter when looking at the max-
imum temperature but not when looking at the total mechanical
power evolution nor when looking at the heating and cooling rates.

The efficiency of all friction stir welds studied in this thesis was
found to be of 95%.
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Chapter 5

Thermal modeling

The thermal model presented in this chapter and the experimental
results used for the identification and validation are the compilation and
the improvement of work published by the author et al. [125, 126, 127|.
These experimental results have been presented in the previous chapter.

5.1 Background

In the friction stir welding community it is generally accepted that
heat can be generated by frictional effect and/or by the plastic defor-
mation associated with material stirring. The introduction in models of
those two heat generations can be done by surface heat sources when
modeling the frictional heat generation or by volume heat sources when
modeling the effect of material deformation on the heat generation. A
more complex way to treat the problem of heat generation is to model
the material flow and deduce the heat generation. The problem is the
need for laws of material behavior at the high temperatures reached dur-
ing the process. Furthermore, the question whether the material slides
or sticks at the tool/material interface is linked to the question of heat
generation by friction of by plastic deformation. The backing plate has
been shown to contribute to cool down the plates to be welded and hence
is of importance when modeling the process.

No consensus has emerged yet about the proper partitioning of fric-
tional and plastic deformation in friction stir welding. It is not even clear
which is the dominant heat generation mechanism. By using a rather
low value for the friction coefficient, Zahedul et al. [149] concluded that
a purely frictional heating model is probably not adequate. Khandkar et
al. |68] took the measured mechanical power as input to a friction stir

95
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welding thermal model with frictional surface heat sources distributed
based on the assumption of a uniform shear stress at the tool/material
interfaces. Tang et al. [133] measured the temperatures in the near pin
region; the isothermal plateau near the pin suggested that heat is gener-
ated mainly through plastic deformation during the friction stir welding
process.

The problem of distributing the heat sources around the tool has also
been addressed in the literature. Schmidt et al. [117] studied the in-
fluence of the tool shape on the relative amount of heat generated at
the tool interfaces. Schmidt et al. [118] applied this proportion to the
prediction of the thermal cycles in FSW. Their model includes material
convection by the introduction of a simple model for the velocity field.
Shi et al. [124] distributed a total power input of 1600 W (obtained
from the measured torque) between a surface heat source at the shoul-
der interface (75% of the total power input) and a volume heat source
inside the pin (25% of the total power input). Mc Clune et al. [87]
proposed to reduce the contribution of the pin to 20% of the total power
input in an application to thinner sheets. Tang et al. [133] temperature
measurements with a pinless tool gave only a 4% reduction in the mea-
sured maximal temperature. They concluded that the pin has a minor
influence on the heat input.

The fact that friction stir welding is a solid-state welding process is
generally accepted and is sometimes artificially taken into account in
models. Frigaard et al. [47] limited the maximal temperature of their
model to a value close to the eutectic temperature of the alloys studied by
adapting the coefficient of friction to prevent the maximal temperature
being overpassed. Song et al. [128| set the heat input of their model to
zero when the melting temperature was reached.

The loss of heat through the contact interface between the bottom of
the workpiece and the backing plate has been introduced in numerical
models following different approaches. Chao et al. [12] proposed a value
of 200 W/m2K for the bottom convection coefficient by comparing the
results of 3D finite element simulations to the experimental results by
Mc Clure et al. [88] on 6061-T6 aluminum alloy. Foument et al. [43]
proposed a similar value for the bottom convection coefficient. Zahedul
et al. |149] compared four different bottom convection coefficients and
concluded that a too high value of this coefficient (4000 W/m?2K) leads to
underestimating the maximum temperature. They also concludes that
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adiabatic conditions (0 W/m?K) give maximum temperatures far above
the melting point. An intermediate value of 1000 W/m?K was therefore
chosen. Ulysse [139] did not include the backing plate assuming simple
adiabatic conditions at the workpiece-backing plate interface.

Some authors introduced a backing plate in the model and simulated
the contact conditions between the workpiece and the backing plate.
Colegrove et al. [16] proposed a contact conductance of 1000 W/m?K
between the workpiece and the backing plate. The bottom of the back-
ing plate was set to a temperature equal to 300 K. In another paper,
Colegrove et al. [20] kept the same contact conductance over the whole
interface surface except under the tool region where a perfect contact
was introduced. Khandkar et al. [68] introduced an annular distribution
of the contact conductance which simulates the heat loss in the backing
plate. The contact between the workpiece and the backing plate in front
of the tool is probably not complete as a result of the backward incli-
nation of the tool. Shi et al. [124]| proposed a temperature-dependent
contact conductivity between the workpiece and the backing plate. De
Vuyst et al. [27] showed that such a variation of the contact conductance
with temperature ensures a good correlation between experimental and
modeling time-temperature curves for the friction stir welded 6005A-T6
and 2024-T3 aluminum alloys.

Schmidt et al. [118] proposed a simple distribution of circumferen-
tial material velocity to study the effect of material convection on the
temperature distribution in the sticking and the sliding cases. More com-
plex models include material flow. Bendzsak et al. [5], Shercliff et al.
[123], Seidel et al. [120], Colegrove et al. [18, 19, 20| developed compu-
tational fluid dynamics models to study the material flow assuming the
heat input to be due to viscous dissipation. Ulysse [139], Askari et al.
[3], Smith et al. [119], Foument et al. [43] and P. Heurtier et al. [61]
developed coupled thermomechanical models which provide excellent in-
sight into the material flow during the process. Buffa et al. [8] developed
an uncoupled thermomechanical model of the friction stir welding pro-
cess. All these models give key insight into the material flow during the
process.

Some models in the literature include residual stress predictions (e.g.
Shi et al. [124], Chen et al. [14], De Vuyst et al. [27]). They are generally
based on uncoupled thermal and mechanical models.
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Figure 5.1. Principle of the thermal model.

5.2 Model description

5.2.1 General assumptions

A finite element model of the pseudo steady-state heat transfer dur-
ing welding was developed using the general-purpose commercial code
ABAQUS [1]. Figure 5.1 shows the different elements that the thermal
model introduces including surface and volume heat sources as well as
the effect of material convection. The underlying equation is:

oT
PaCp <E + Umat'VT> = AV.VT + Gheat (51)

where p,, ¢, and A are respectively the density, the specific heat and
the thermal conductivity of the material, here, aluminum alloy 6005A.
T is the temperature, ¢ is the time and v, is the velocity of material.
Qheat 18 @ heat source. Far away from the tool region v, is equal to the
advancing speed. In the near tool region, the effect of the movement of
material around the tool on the value of v, is taken into account by
imposing a chosen velocity distribution.

The finite element mesh of the thermal model is made up of hexa-
hedrons with a high density in the near tool region (see Figure 5.2).
The model is long enough not to influence the thermal field in the zone
surrounding the tool.

A temperature of 25°C was imposed upstream. The top and side
surfaces were considered as adiabatic. The effect of convection at these
surfaces on the temperature distribution was shown to be negligible.
The model takes into account the heat loss through the backing plate by
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Figure 5.2. Finite element mesh for the thermal model

modeling a 80 mm thick steel plate under the workpiece. A temperature
equal to 25°C was imposed at the bottom of this thick steel plate. The
contact conditions between the workpiece and the thick steel plate will
be detailed later.

In order to avoid discontinuities in the flow field of aluminum, the pin
was ignored. Taking the steel pin into account would require to model
the way the aluminum flows around the pin.

5.2.2 Heat sources

(a) Heat dissipated by friction at the tool / workpiece interface
- surface heat sources

The heat generated by friction between sliding surfaces qg [W/m?] is
equal to the work done by the interfacial shear stress Teontact:

4s = Tcontact (Utool — Umat ) |inte7“face . (5 . 2)

The tool velocity v, can be decomposed in its velocity wr due to
the rotation and the velocity of the linear movement. In most practical
cases, the latter can be neglected. The material velocity v,,q: at the tool /
workpiece interface is unknown. For simplicity, the material velocity v,,qt
is introduced in the model as a fraction § of the velocity wr. The surface
heat source due to friction at the tool / workpiece interface expresses as:

qs = Tcontactwr(l - 5) (53)
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with 0 < 6 < 1. The value of § characterizes the type of contact at the
tool / workpiece interface:

e If § = 0, the contact is perfect sliding;
e If § = 1, the contact is perfect sticking.

The scientific literature does not provide a clear identification of the
condition prevailing in FSW.

It is convenient to divide the total power dissipated at the tool /
workpiece interface Qg [W] in three parts corresponding to the different
working surfaces of the tool : the shoulder (assumed here to be a plane
annular disk with an external radius equal to the shoulder radius rg and
an inner radius equal to the radius of the tool pin rp), the lateral surface
of the pin (assumed here to be a cylinder with a radius equal to the tool
pin radius r, and a height equal to the height of the tool pin h,) and
the surface of the tool pin tip (assumed here to be a plane disk with a
radius equal to the tool pin radius 7).

The total power dissipated at the tool / workpiece interface thus
writes:

Qs = QS,shoulder + QS,pin + QS,p'm tip (54)
with
2w
QS,shoulder / / Tcontactwr 1 — (S)Td(gd?”
0
2w
QS:W” / / Tcontactwr 1 — 5)Td(9d2
0
2w
QS,pintip = / / Tcontactwr 1 — 5)Td(9d?” (55)
0

Assuming that Teontaet and ¢ are constant along all tool / workpiece
interfaces lead to

QS,shoulder = Tcontactw(l — 5)577(1% - I‘;;),
Qspin = Teontacw (1 — 5)2wr§hp,
2
QS,pin tip — Tcontactw(l - 5)_7”'2- (56)

3
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The total power dissipated at the tool / workpiece interfaces is there-
fore equal to

2
Qs = Tcontactw(l - 5)371'(1'% + Sl'?)hp) (57)

Using the numerical values of the parameters characterizing the tool geo-
metry in the present study (rg = 10 mm, 77 = 3.5 mm and h,, = 5.7 mm),
one easily obtains the relative proportions of the friction heat dissipated
on the shoulder, the pin and the pin tip of the tool:

QS,shoulder/Qs = 79.2%,
Qspin/Qs = 17.3%,
Qspintip/Qs = 3.5%. (5.8)
The part of the frictional heat power being associated with the pin tip

being very small, it will be neglected in the following. We will therefore
consider that

2
Qs = Tcontactw(l - 5)571'((1% - I'g) + Sr?th)
3
shoulder = = 82N,
Qs,shoutder/ Qs =19+ 5k, %
3r2h
Qs pin/ Qs vy = 18%. (5.9)

(rd —r3) + 3r2h,

If we now distribute the surface heat sources corresponding to the heat
power per unit of area dissipated by friction at the tool / workpiece
interfaces, we obtain along the shoulder with a linear variation with the
radius:

0.82QgsT
gs = oS (5.10)
%7‘(‘(1‘% — r%)

with 7¢ < r < r, and z = 0, and along the lateral surface of the tool

pin;

~ 0.18Qs
N 2rrphy

qs (5.11)

with 0 < z < hy and r = 7).

(b) Heat dissipated by material stirring (plastic deformation) -
volume heat sources

Heat is also dissipated throughout the volume of the material by
plastic deformation. The corresponding volume heat sources are equal
to :

av = (&};0i (5.12)
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where éjioj and o;; are respectively the components of the plastic strain
rate tensor and the Cauchy stress tensor and ( is a parameter ranging
typically between 0.8 and 0.99 [112] which accounts for the fact that
a small part of the energy is stored in the material in the form of de-
fects. Several research groups (Heurtier-Monteillet, Deepweld project,
Schmidt et al. etc...) are currently developing models to numerically
simulate the plastic flow and accompanying heat generation. The prob-
lem is extremely complex not only because the flow is complex but also
because the constitutive relationships are complex. Indeed, the plastic
response depends on rate and temperature dependent internal variables
characterizing the hardening and softening behavior associated with the
microstructural evolution (precipitate dissolution, recrystallization, re-
covery).

A purely phenomenological approach is used in the present study. Lit-
tle can be predicted concerning the location and the intensity of the
heat dissipation through plastic deformation during FSW, except that
it occurs in the so-called thermo-mechanically affected zone (TMAZ) as
is experimentally confirmed and explained in the literature. Dong et al.
[32] concluded from their models that plastic slip at the surface due to
mechanical interactions between the tool and the base material seems to
correlate with the friction stir weld profile obtained by macrographs. The
inverse model of Lambrakos et al. [71] allowed them to conclude that
there is a strong correlation between the physical shape of the stirred
region and the volume distribution of heat generated by the stirring pro-
cess. The thermomechanical model of Askari et al. [3| shows that the
deformed region is confined to the area immediately surrounding the pin
and under the shoulder. The deformation of the material is very large
close to the friction stir welding tool but, due to heating, the flow stress
there is the lowest. Conversely, away from the tool, the deformation is
lower but the material flow stress is higher because the temperatures are
lower.

In the absence of any other relevant information, an uniform distri-
bution of the volume heat sources gy [W/m?] resulting from the plastic
deformation in the TMAZ will be assumed. The total heat power dissi-
pated through plastic deformation is imposed to be

Qv =qvVp (5.13)

where V,, [m3] is the volume of the TMAZ and Qy [W] is the volume
heat source power.
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Figure 5.3. Shape of the TMAZ

The volume V), of the TMAZ where plastic deformation takes place
during FSW has been determined from macrographic observations on a
transverse section as a trapezoid (see Figure 5.3). The volume of this
trapezoid is equal to:

1
V, = g7rhp(1"% + r?nm + TS min — 31"120). (5.14)

The advantage of choosing this very simple description of the shape of
the TMAZ avoids the need to prepare a macrography of the weld in
order to use the model. The value of r,,,;;, (introduced in Figure 5.3) was
defined as rp, + 0.5 mm = 4 mm and we will assume that it does not
vary with the welding parameters even though we have observed that
the weld shape is slightly affected by the rotational speed.

(c) Distribution of Mechanical power between volume and sur-
face heat sources

The total power P;, dissipated by friction and plastic deformation
during welding can be calculated from the measurements of the force and
torque. Almost all that power is transformed into heat. As explained
above, the energy stored in the material in the form of dislocations and
other microstructural defects, such as new grain boundaries and dislo-
cations for instance, is very small. The portion of the power lost within
the tool was previously found to be 5% of the total mechanical power.

nP = Py, = Qs+ Qv (5.15)

The relative importance of Qy and Q)¢ is unknown. In the present study,
a parameter 7 is introduced for that purpose:

Qv = 7Pn,
Qs = (1—7)Pn. (5.16)
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Figure 5.4. Simple model of the circumferential velocity field

5.2.3 Material convection around the friction stir welding
tool

To study the effect of material convection around the tool, a very sim-
ple model for the velocity field around the tool is proposed. Material flow
is considered only in the TMAZ. The local circumferential velocity due to
the shoulder increases with increasing radius and decreases with increas-
ing depth. The local circumferential velocity due to the pin decreases
with increasing radius. Figure 5.4 represents the assumed velocity field.
Note that the parameter § was defined previously as the ratio of the
material velocity on the tool velocity at the material /tool interface.

The problem with such a simple model for the circumferential velocity
field is that it introduces velocity discontinuities at the outer radius of
the shoulder.

5.2.4 Decoupling of parameters v and ¢

The work by Schmidt et al. [118] does not distinguish between para-
meters v and §, which is similar to assuming that the two parameters
evolve in the same way. Hence, a sliding interface condition corresponds
to surface heat sources and a sticking interface condition corresponds to
volume heat sources. It could be more complex.

Let us discuss the four extreme cases:

e v = 0 (surface heat source) and 6 = 0 (no material circumferential
velocity): this is the case generally considered in simple models
[12, 13, 68, 149|; the material is not moving around the tool and
all the heat is generated by friction.



Thermal modeling 65

e 7 =1 (volume heat source) and 6 = 0 (no material circumferencial
velocity): there is no circumferential velocity but the stirring of
the material around the pin generates heat in the TMAZ.

e v = 0 (surface heat source) and 0 = 1 (material circumferen-
cial velocity = tool circumferential velocity): the material rotates
with the tool but heat is generated only by material shearing in a
thin layer at the tool/material interface. Dong et al. [32]| showed
through their model that such a thin plastic boundary layer is rele-
vant to the FSW process. This is very close to a surface heat source
generation and can be modeled as such. Note that in this case
the surface heat source distribution proposed here, based on fric-
tion equations, might not be totally adequate. Nevertheless with
higher circumferential velocities (like at the edge of the shoulder)
more heat is generated. A linear variation with radius seems to
be reasonable. Schmidt et al. [118] used a thin layer as TMAZ in
their model and later showed the relevance of this choice [119].

e v = 1 (volume heat source) and § = 1 (material circumferencial
velocity = tool circumferential velocity): this is another classical
assumption |3, 5, 123|; the material rotates with the tool and heat
is generated by the deformation of material in the entire TMAZ.

5.2.5 Contact conditions between the workpiece and the
backing plate

The contact conditions between the workpiece and the backing plate
must be carefully described in the model. Many authors have shown
that various options can be considered.

e CASE 1: No backing plate. In that situation the lower surface
of the workpiece is assumed to be adiabatic. This case would be
representative of a very poor contact between the workpiece and
the backing plate.

e CASE 2: Perfect contact between workpiece and backing plate.

e CASE 3: Good contact under the tool region only. The contact
under the tool is chosen to be a perfect aluminum/steel contact
under the pin and a worse contact (with contact conductance pa-
rameter CC4 [W/m?K]) under the shoulder. This case is suggested
by experimental observations : the high pressures under the pin
and in the surrounding lead to a visible indentation of the upper
surface of the backing plate along a width approximately equal to
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Figure 5.5. Contact conditions between the workpiece and the backing plate in
CASE 3 (sketch not to scale)

the diameter of the tool. There, the contact is certainly good. The
indentation is more pronounced under the pin region.

At the back of the tool, the contact is worse than under the tool
region but difficult to quantify. Therefore a contact conductance
parameter C'Cp is introduced behind the tool. Figure 5.5 pictures
the different contact condition zones.

The different contact conductances are introduced in the finite ele-
ment code by artificially inserting a layer of 0.2 mm thickness
between the workpiece and the backing plate having a thermal
conductivity equal to the contact conductance in the given region
multiplied by the layer thickness. For the sake of simplicity, the
contact surfaces under the tool shoulder and pin are assumed to
be square.

5.3 Parameter identification

Table 5.1 summarizes the parameters of the thermal model and the

values that have been chosen for these parameters. The optimized para-
meters have been chosen by minimizing the error between experimentally
measured and predicted temperature values. These choices will be ex-
tensively discussed in the following.

5.3.1 Thermal properties of the aluminum alloy 6005A

Measurements of the thermal properties of aluminum alloy 6005A-

T6 with temperature have been performed at ULg (Université de Liége)
[127]. Table 5.2 gives the results of these measurements. The melting
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Param. | Significance Value Origin
Pa Density Table 5.2, Measurements
Cp Specific heat pg 68 on 6005A
A Thermal conductivity
Trmin TMAZ shape parameter 4 mm Figure 5.3
Power and
n Welding efficiency 95 % temperature
in tool

CCy Contact conductivity 100 kW/m?K | Optimized
under the shoulder
CCp | Contact conductivity at | 3 kW/m?K | Optimized
the back of the tool
~ Qv /P 0.2 Optimized
o (vmat/vtool) ’interface 1 Optimized

Table 5.1. Summary of the parameters chosen for the application of the thermal
model to alloy 6005A

point was also measured and the solidus was found to be equal to 613°C
in a DSC heating up test performed at 10°C/min.

5.3.2 Maximum temperature
(a) Definition of the error on the temperature predictions

A mean error definition is introduced in order to compare the var-
ious parameters of the model and their influence on the quality of the
prediction:

1 &
Error = - Z |Texp,i — Tmodel,i] (5.17)
ti=1

where n; is the number of thermocouples!, T, exp,i and Tipoqer; are the
maximum temperatures at thermocouple position i respectively mea-
sured and predicted. Note that these maximum temperatures are not
reached at the same time for various transverse positions (y).

This mean error is expressed in °C. The choice of an absolute error
rather than a relative one has the advantage of giving the same weight
to the error at low temperatures, in the heat affected zone and at high

'The thermocouples in the backing plate and in the tool are excluded of the error
definition since we wish to correctly predict the microstructural evolutions in the
workpiece based on that model.
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Temperature | Density | Specific heat Thermal
T [°C| pa [kg/m?] cp [J/kg K] conductivity
A [W/mK]
25 2680 / /
50 2680 920 206.6
100 2670 930 208.3
150 2660 950 210.3
200 2650 970 210.3
250 2630 990 210.9
300 2620 1010 208.6
350 2610 1020 205.6
400 2600 1040 201.9
450 2590 1060 197.5
500 2580 1080 190.0
550 / 1110 182.8

Table 5.2. Thermal properties of base alloy number 1 versus temperature

temperature in the weld center. In fact, a good prediction of the tempera-
tures in the heat affected zone is fundamental for the prediction of the
local microstructure evolution and the ensuing mechanical properties of
the weld.

(b) Exclusion of contact conditions CASE 1 and 2

Figure 5.6(a) compares the predicted maximum temperatures reached
at the hottest point under the shoulder behind the pin for weld number
”5” (1000 mm/min and 1000 rpm). CASE 1 (no backing plate) leads
to unrealistic predictions with temperatures far above the liquidus. The
other cases have little influence on the maximum temperature and pro-
vide more reasonable values for the maximum temperature. Figure 5.6(b)
compares the maximum temperature at mid-thickness at various trans-
verse positions for CASE 2 (perfect contact everywhere) and CASE 3
(good contact under the tool). It is shown that CASE 2 underestimates
to a large extent the maximum temperatures measured by the thermo-
couples away from the centerline. Furthermore, the cooling rate after
the passing of the tool is overestimated. Hence, in the following, only
contact condition CASE 3 will be considered.
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Figure 5.6. CASE 1 and 2 exclusion for a weld with welding parameters 1000
mm/min and 1000 rpm (a) Predicted maximum reached temperature for CASE 1
and 2 for different v and ¢; (b) Maximum predicted and measured temperature dis-
tributions at mid-thickness for CASE 2 and CASE 3 (with CC4 = 100 kW/m?K and
CCp = 0 kW/m?K) for different values of v and §.

(c) Choice of CC4y

The value of the contact conductance behind the tool CCpg has little
influence on the predictions of the maximum temperature at the thermo-
couple positions. Hence, the optimization of the contact conductance
under the shoulder CC4 and later the parameters v and § is made with
a value of CCp = 0 kW/m?K (no contact behind the tool).

The maximum temperatures away from the centerline are underes-
timated when too high a value of the contact conductance under the
shoulder region C'Cy is chosen. Inversely, too low a value of this contact
conductance over-estimates the maximum temperatures away from the
centerline. Figure 5.7 shows that the choice of CC4 = 100 kW /m2K gives
a mean error of 10°C to 20°C for a wide range of welding parameters
and of vy and J.

(d) Choice of v and §

Figure 5.8 shows the effect of the extreme values of parameters ~
and § on the maximum temperature distribution for weld number ”5”
(1000 mm/min and 1000 rpm). Figure 5.9 shows the maximum tempera-
ture and the mean error on the maximum temperatures predictions for
all possible values of v and ¢ for three welds with different welding para-
meters.
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Figure 5.7. Choice of CC4. Error on the maximum temperatures prediction for
different values of v and § with welding parameters; (a) 1000 mm/min and 1000 rpm;
(b) 200 mm/min and 1000 rpm
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Figure 5.8. Maximum temperature distribution for a weld with welding parameters
1000 mm/min and 1000 rpm; (a) § = 0; (b) § = 1.
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Figure 5.9. (a,c,e) Predicted maximum temperature reached at hottest point and
(b,d,f) mean error on the maximum temperature predictions for all possible v and
0 for welds with welding parameters; (a,b) 1000 mm/min and 1000 rpm; (c,d) 200
mm/min and 1000 rpm; (e,f) 200 mm/min and 500 rpm
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The maximum predicted temperature reached when § = 0 and v =0
is unacceptable for some welding conditions (above 700°C, see Figure
5.9(a)) considering that friction stir welding is a solid state welding tech-
nique and that the melting point of aluminum alloy 6005A is somewhat
above 613°C. Since heating rates are much higher in FSW, the effective
solidus temperature will be higher than the 613°C measured by DSC at
10°C/min. Nevertheless, a predicted maximum temperature reached at
hottest point larger than 700°C for 6 = 0 and v = 0 is certainly too
high. We can safely conclude that the assumption that the heat source
is purely frictional and that no material stirring occurs, is not represen-
tative of the friction stir welding process. This leads to the conclusion
that if a simple model has to be developed without introducing mater-
ial convection it is more adequate to introduce volume heat sources to
represent the heat generated by the process [125, 127].

The choice § = 0 (see Figure 5.8(a)) would give maximum tempera-
tures symmetrical with respect to the centerline. It has been shown in
Figure 4.9 that the advancing side is generally hotter close to the cen-
terline in our experimental friction stir welds and that this asymmetry
is reduced when the advancing speed diminishes. This asymmetry can
be introduced in the model by taking the material convection into ac-
count (0 > 0) (see Figure 5.8(b)). Colegrove et al. [17] also concluded
that the introduction of a convective heat flow induces asymmetry in the
temperature distribution causing the advancing side to be hotter.

Figure 5.9(b,d,f) shows that the mean error on the maximum tempera-
ture predictions is minimal in two regions of the ~-¢ field for a large
variety of welding parameters. The first minimum (6 = 0) corresponds
to the situation where the material velocity is only a very small frac-
tion of the tool velocity at the tool interface and heat is mainly pro-
duced by friction. This case must be excluded due to the too high pre-
dicted maximum temperatures reached at hottest point for weld number
5" (1000 mm/min and 1000 rpm) which are incompatible with a solid
state welding process as discussed earlier (Figure 5.9(a)). The second
mean error minimum corresponds to the case § ~ 1 (sticking conditions)
and v ~ 0 (surface heat source). The predicted maximum temperatures
reached at hottest point are in a much more acceptable range.

Values of § = 1 and v = 0.2 will be used in the following since the
assumption of no volume heat source (v = 0) is not reasonable. Indeed
a large TMAZ is clearly observed on macro-sections of the welds. Note
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Figure 5.10. Choice of CCp. Thermal cycles in a weld with welding parameters
1000 mm/min and 1000 rpm for (a) thermocouple 3, positioned at 14 mm from the
centerline on the advancing side; (b) thermocouple 10, positioned at 7.2 mm from the
centerline on the retreating side.

that the identification of the best value for the § parameter is not so
clear when looking at welds with lower rotational speeds.

5.3.3 Cooling rates

The contact condition of CASE 3 with CCp = 0 kW/m?K behind
the tool accurately reproduces the maximum temperature away from the
centerline. The cooling rates are however underestimated (see Figure
5.10). This effect can be corrected by using a small contact resistance
in the regions surrounding the tool. A value of 3 kW /m?K gives a very
good prediction of the cooling rate? for thermocouples placed either away
from the centerline (see Figure 5.10(a)) or close to the centerline (see
Figure 5.10(b)) for weld number ”5” (1000 mm/min and 1000 rpm). The
conclusions given earlier concerning the other parameters choice based
on the maximum temperature are still valid since the choice of CCp has
a very limited effect on the maximum temperature.

5.3.4 Discussion with confrontation to literature

(a) v and § values

Chao and colleagues [12, 13] assumed a frictional heat source without
including material flow with a fitted total power input of 1.4 kW. The
welding parameters were a rotational speed of 400 rpm and an advancing
speed of 120 mm/min. Their 6061-T6 aluminum alloy plates were 6.4

2In Figure 5.10 the quality of the prediction is so good that the curves cannot be
distinguished for the case CCp = 3 kW/mQK.
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mm thick. For similar welding conditions, the power input measured in
the present study is much higher, about 3 kW. The very low value of the
fitted power input reported in their article confirms that a purely surface
heat source is probably not adequate. Similarly, by using a rather low
value for the friction coefficient, Zahedul et al. [149] conclude that a
purely frictional heating model is probably not adequate.

The presented parametric study leads to the conclusion that the mater-
ial at the tool interface adheres to the tool and that heat is generated in
a small layer with high shear strains. Smith et al. [119] did not impose
a contact condition at the tool-workpiece interface in their model. They
could therefore conclude on that important aspect of the process model-
ing. They showed that non-uniform contact conditions close to sticking
are present along most of the interface except at the vicinity of the tool
shoulder and at the lower trailing advancing region of the probe/matrix
interface. Xu et al. [146] proposed two models of the process: one for
sliding contact and the other for frictional conditions at the interface.
They concluded that their visualization experiments are correctly repro-
duced by the models when the interface is partially sticking (6 = 0.48
and 0.30 for two different welding conditions).

It is a tautology to state that the conclusions of this study are correct
if the assumptions at the basis of the calculation are correct. Let us be
more specific. If the volume heat source distribution supposed here was
incorrect, the conclusions concerning the value of § should be modified
especially if the exact distribution of the volume heat source is asymmet-
ric. All these effects could balance the material convection asymmetry
and lead to slightly different conclusions. Seidel et al. [120] and Cole-
grove et al. [18] concluded from their 2-D computational fluid dynamics
model that the width of the deformed region is smaller on the advan-
cing side than on the retreating side. Our macrographs of the welds do
not show any clear evidence of asymmetry in the TMAZ shape between
the advancing and the retreating sides of the weld. Another aspect not
taken into account in this model is the vertical flow of material due to
the presence of a thread on the pin surface. This would tend to diminish
the maximum temperature reached at the hottest point when surface
heat sources are introduced and might affect the conclusions concerning
the correct values of v and §. A decrease of the maximum temperature
reached at hottest point would be in favor of choosing a lower value for
the § parameter leading to conclusions similar to those of Xu et al. [146].
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(b) Contact conditions between the workpiece and the backing
plate

Shi et al. [124] proposed a value of the contact conductivity similar to
our CCp for temperatures below 150°C and equal to about 20 kW /m?K
for temperatures higher than 300°C. Khandkar et al. [68] used a contact
conductivity between the workpiece and the backing plate equal to 10
kW /m?K in front of the tool and 100 kW/m?K at the backside of the
tool. They also introduced a contact conductivity between the work-
piece and the backing plate equal to 1 kW/m?K in the other regions.
The choice made in the present study is very similar, i.e. a contact con-
ductivity equal to 3 kW/m2K behind the tool and 0 kW/m?K elsewhere
except under the tool where a much higher value is taken but without
distinguishing between the front and the back of the tool. The value of
CC'4 proposed earlier (100 kW /m2K) corresponds to the value proposed
by Khandkar et al. [68] at the rear of the tool. Hence, the scientific
literature seems to agree with the order of magnitudes chosen for CCy
and CCp.

It would be interesting to perform more measurements of the tempera-
ture in the backing plate at various positions away from the centerline
just under and just above the contact in order to have a better under-
standing of the contact conditions prevailing in the friction stir weld-
ing process. The only temperature measured in the backing plate in
the course of this study is overestimated by the model, which predicts
a maximum temperature of about 400°C for weld number ”5” while a
value of 224°C has been measured. This is probably due to the simplistic
assumption of a perfect contact under the pin region.

5.4 Effects of the welding parameters

For the sake of validation, the model was applied to various welding
conditions with the values of the parameters identified previously mainly
on weld number ”5”. Figures 5.11(c) and (d) and 5.12 show that the
model provides very good predictions of the maximum temperatures for
a wide range of welding parameters. The maximum temperatures are
generally slightly underestimated close to the centerline. This effect is
more obvious when the rotational speed is lower. It was shown earlier
that the choice of § is not self-evident for a low rotational speed weld
(Figure 5.9(e,f)).
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Figure 5.11. (a,b) Cartography of the temperatures on the top surface of the plates
(c,d) Maximum temperatures distribution at different position in depth, comparison
of model and experiment. Welding parameters: (a,c) 1000 mm/min and 1000 rpm;
(b,d) 200 mm/min and 1000 rpm

The maximum temperature distribution in a cold weld (see Figure
5.11(a) and (c)) is quite different from the maximum temperature dis-
tribution in a hot weld (see Figure 5.11(b) and (d)). The predicted
maximum temperatures reached at the hottest point are actually similar
in these so-called hot weld and cold weld (see Figure 5.12(d)). It is the
temperature distribution away from the centerline, in the heat affected
zone which justifies these designations of hot and cold weld.

The temperature difference between the advancing and the retreat-
ing side of the weld is only partially well predicted. Figure 5.13 shows
the maximum temperature difference between the advancing and the
retreating side of the weld 9.2 mm from the weld centerline, compar-
ing predicted and experimental values for different welding parameters.
The model overestimates the temperature differences in nearly all cases
but the trends are correctly reproduced: namely, no marked effect of
the rotational speed and an increase of the temperature difference with
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Figure 5.12. Assessment of the model for different welding parameters. Maximum
temperatures at some thermocouple positions for different advancing speeds for a
rotational speed of (a) 1000 rpm and (b) 750 rpm. (c) Maximum temperature at
some thermocouples position for different rotational speeds for an advancing speed
of 200 mm/min. (d) Evolution of the predicted maximum temperature reached at
hottest point for different welding parameters
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Figure 5.13. Effect of the welding parameters on the maximum temperature dif-
ference between the advancing and the retreating side of the weld, 9.2 mm from the
weld centerline. Rotational speeds are (a) 1000 rpm and (b) 750 rpm

increasing advancing speeds. The experimental observation of a hot-
ter retreating side for low advancing speeds needs to be confirmed and
cannot be reproduced by the model. It is not the frictional difference
between the two sides of the weld (the two sides have different relative
speeds) which can cause this difference since it has a negligible effect on
the temperature difference. Maybe a more sophisticated flow pattern can
explain the hotter retreating side measured for some welding parameters.

5.5 Conclusions

An asymmetric finite element model of the friction stir welding pro-
cess has been developed and successfully validated based on the large
variety of welding experiments presented in chapter 4. The importance
of the contact conditions between the workpiece and the backing plate
are of tremendous importance when looking at temperatures away from
the centerline and at the cooling rates. A simplified model of the mater-
ial flow around the tool allowed to take into account the forced material
convection effect around the tool. The experimentally observed asymme-
try of the weld and a warmer advancing side are well modeled through
this simple assumption.

The contact conditions between the tool and the workpiece have been
identified as sticking on the basis of the maximum temperature mea-
sured by the thermocouples. Heat is generated mainly close to the sur-
face between the tool and the workpiece and hence heat generation can
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be modeled by surface heat sources when taking the effect of material
convection into account.
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ABSTRACT

Chapter 2 has presented the different types of precipitates
found in aluminum alloys of the 6xxx series with low copper
content. These are in 3 main categories: the intermetallics, the
dispersoids and the hardening precipitates. This last category
of precipitates will be largely affected by the welding process.
The other precipitates are essentially unaffected by the weld-
ing process except in the thermo-mechanically affected zone
where they can be fragmented. The experimental results of
this part of the thesis show that the volume fraction and as-
pect ratio of the intermetallics are globally unaffected by the
welding process while the size of these phases is reduced in the
thermo-mechanically affected zone. The base material used in
this study, i.e. aluminum alloy 6005A-T6, corresponds initially
to a maximum hardened state. Hence, the welding process
can only deteriorate the local strength affecting the transverse
tensile properties of the weld. The main question that will be
discussed in this part of the thesis, is to what extent the mi-
crostructure is affected by the welding process and how this
microstructural evolution affects the tensile properties of the
various zones of the weld. This discussion includes experimen-
tal and modeling results.

Chapter 7 presents a numerical microstructure evolution mo-
del based on a discretization in size classes of the hardening
precipitates taken as the nucleation, dissolution and coarsening
of only one phase of composition Mg,Si. In the yield strength
model, also presented in chapter 7, the contributions of the
solid solution and precipitation to the yield strength are added
up. Finally, a natural aging model predicts the increase of the
yield strength after long term natural aging. In particular, it
has been identified that a minimum supersaturation in solid
solution concentration is required for natural aging. This last
observation is crucial when looking at the evolution of preci-
pitates in welds since the heat affected zone does not present
a sufficient solid solution concentration. Hence, since the solid
solution concentration is not sufficient, no natural aging occurs
in the heat affected zone reducing thus the strength of that
zone.
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Chapter 8 presents a novel model of strain hardening. The
strain hardening parameter 6 (which, in a pure metal, would
reflect the dislocations storage rate) is affected by the following
physical mechanisms:

e Dynamic precipitation is the precipitation induced by the

movement of dislocations during plastic deformation. When
the solid solution is supersaturated, dynamic precipitation
will increase the flow stress during deformation and cause
an apparent increase of the strain hardening parameter 6.

The formation of Orowan loops when the precipitates are
by-passed by the dislocations increases the storage of dis-
locations and hence the strain hardening parameter 6.
Nevertheless, in classical approaches, the effect on the
strain hardening parameter ¢ would be inversely propor-
tional to the precipitate radius and thus would decrease
continuously when precipitate radii grow beyond the shear-
ing / by-passing transition. Experimentally, an increase
is observed for medium size precipitate radius. This is at-
tributed to the inefficient storage of Orowan loops around
precipitates that are coherent or semi-coherent with the
matrix. Indeed, in that case, the Orowan loops penetrate
the precipitates and auto-annihilate.

The strain hardening parameter [ (the dynamic recovery rate)
is affected by the following physical mechanisms:

e If the yield strength increases, the annihilation distance of

two dislocations of opposite sign decreases and hence the
strain hardening parameter  increases. There is probably
an effect of the solid solution concentration on dynamic
recovery but it has not been taken into account at this
level.

The efficient storage of Orowan loops increases the dy-
namic recovery rate by favoring the de-localization of the
dislocation glide. This effect, called the "dislocation lift”,
has been quantified by estimating the probability for two
moving dislocations of opposite sign to meet a precipitate
having an Orowan loop efficiently stored around it in the
time needed for their mutual annihilation.
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The microstructure evolves as follows when moving from the
base material to the weld center.

e The base material is composed of a large density of fine
3" precipitates.

e In the medium-level hardness zone, some 3’ precipitates
dissolve while others form [’ precipitates. The dissolution
of 3" precipitates in that region of the weld has been iden-
tified by the DSC measurements and confirmed by post-
welding heat treatments and the microstructure evolution
model.

e The low-hardness heat affected zone is composed of large
3 precipitates and a certain amount of solid solution.

e The weld nugget presents a high solid solution concentra-
tion. No ”, nor /3’ precipitates were observed by TEM in
that zone of the weld. Some [ precipitation takes away a
fraction of the solute. This precipitation was identified by
DSC measurements of the weld nugget and confirmed by
post-welding heat treatments.

The microstructure of the heat affected zone is more affected
by the advancing speed than by the rotational speed except for
what concerns the width of the thermally affected zone.

e The heat affected zone of low advancing speed welds presents
much larger precipitates than the heat affected zone of
high advancing speed welds. This has been identified by
TEM image analysis. The microstructure evolution model
shows that this is due to the high heating and cooling rates
in high advancing speed welds.

e The heat affected zone of low advancing speed welds has a
larger volume fraction of precipitates (and hence a lower
solid solution concentration) than the heat affected zone
of high advancing speed welds. This was first identified
by the microstructure evolution model but is confirmed
by the measured lower hardness in the heat affected zone
after a post-welding heat treatment of a low advancing
speed weld compared to that of a high advancing speed
weld. The low solid solution concentration in the heat
affected zone (after welding and natural aging) of low ad-
vancing speed welds explains the lower hardness and yield
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strength of that zone since no natural aging is possible
when the solid solution concentration is not sufficient.

The strain hardening parameters evolve as follows when mo-
ving from the base material to the weld center.

e The base material presents a minimum value of the two
strain hardening parameters 6 and ( since no dynamic
precipitation is possible; the yield strength is maximum
and no Orowan loops are stored.

e The heat affected zone presents a high value of the dislo-
cation storage rate 6 since the large precipitates present
in that zone of the weld favor the stability of the Orowan
loops. The dynamic recovery rate J of that zone is also
high since the Orowan loops formed favor the ”dislocation
lift” effect.

e The weld center presents a high value of the dislocation
storage rate 6 due to the dynamic precipitation which is
favored by the residual solid solution concentration of that
zone of the weld when it has aged naturally. The dynamic
recovery rate is rather low in that region of the weld since
no "dislocation lift” effect is possible and the effect of the
yield strength on dynamic recovery is clearly a second
order effect.

When the advancing speed decreases the precipitate radius in
the heat affected zone is higher and hence both strain hardening
parameters increase with decreasing advancing speed.

The consequence of the distribution of the strain hardening
parameters throughout the weld zones is that the weld center
has a higher strain hardening capacity than the heat affected
zone. Hence, it is mainly strain hardening that causes the heat
affected zone to be the weakest zone of a friction stir weld.
Indeed, the yield strength is very similar in those two zones of
the weld, in particular in low advancing speed welds, while the
tensile strength of the weld center is higher than the tensile
strength of the heat affected zone. The strength mismatch
between these two zones increases with decreasing advancing
speed.



Chapter 6

Microstructure and local
mechanical characterization

This chapter presents the microstructure and mechanical characteri-
zation of both the base material (in section 6.1) and the friction stir welds
(in sections 6.2 and 6.3). This chapter aims at presenting the experimen-
tal results which will be discussed in the modeling chapters (7 and 8).
Nevertheless, some aspects of the results will already be discussed at this
stage.

6.1 Characterization of the base material 6005A-
T6

6.1.1 Microstructural characterization
(a) Coarse phases

These phases have been observed by both back-scattered scanning
electron microscopy (SEM) and transmission electron microscopy (TEM).
They are of three types: the intermetallics (essentially the a(AlFeMnSi)
phase), the 3(MgaSi) coarse phases and the silicon rich precipitates.

Figure 6.1 shows SEM and TEM images of a particles. Table 6.1 shows
the results of an image analysis of these phases! based on 30 images
containing each about 100 precipitates. The Feret diameter is defined as
the maximum distance between two extreme points of a particle.

!Since the a coarse phases are by far the dominant second phase, the volume
fractions of the other coarse phases ((3-Mg2Si coarse phases and Si rich phases) are
not studied.
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Chapter 6

Figure 6.1. Coarse « phases in the base material (observed by SEM and by TEM)

Precipitate Mean | Standard
property value | deviation
Surface fraction 1.2% 0.44%
Shape ratio 1.7 0.14
Area radius 0.9 um | 0.33 pum
Feret radius 1.1 pm | 0.17 pm
Largest axis of the closest ellipse | 2.1 ym | 0.16 pgm
Smallest axis of the closest ellipse | 1.2 ym | 0.08 pm

Table 6.1. Base material a phases analysis



Microstructure and local mechanical characterization 89

B-Mg,Si
EDX analysis

FeKb
o EeKa

300 400 500 600  7.00
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Figure 6.3. Si phase (and other): TEM image and EDX analysis of the Si phase.

Some [3(MgySi) coarse phases can also be observed by SEM but study-
ing their distribution by image analysis is delicate since they are highly
dispersed. Their typical size is similar to the a phase. Figure 6.2 shows
a SEM micrograph of a 3(MgsSi) phase and the EDX analysis of this
B(MgySi) phase (note that the presence of gold is due to the coating).
This EDX analysis shows the high concentration of magnesium in these
phases which is clearly not observed when analyzing «(AlFeMnSi) par-
ticles.

Silicon precipitates have been observed by transmission electron mi-
croscopy. Their formation is the consequence of the excess silicon in the
alloy composition remaining after the formation of the 5(MgaSi) phases,
the « phases and the dispersoids. Figure 6.3 shows a TEM micrograph of
a silicon rich precipitate and its EDX analysis. The size of Si precipitates
varies in a wide range. Particles of 90 to 1300 nm have been observed.
The aspect ratio of the Si precipitates is always close to 3. Finally, minor
amount of other phases rich in the other, low content, alloying elements,
like titanium, are also shown in Figure 6.3.
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Figure 6.4. Dispersoids in the base material

(b) Dispersoids

Dispersoids are much smaller than the coarse phases but still do
not contribute to material hardening. Their size is typically equal to
100 — 150 nm. Those precipitates are the background ”dots” observed in
Figures 6.1 and 6.3. These particles contain much more manganese than
the intermetallics and an appreciable amount of silicon.

Figure 6.4 shows that these precipitates are often found by pair. Al-
though EDX analysis reveals that both precipitates of a pair contain
manganese, it might be possible that one of these precipitates is a coarse
B(MgsSi) or ' since the EDX magnesium peak might be hidden by the
other more dominant peaks. Nevertheless, if these particles are both
dispersoids, this could be due to heterogeneous precipitation of one dis-
persoid on the other. Before the final T6 heat treatment, the material
overcomes different heat treatments. These heat treatments could cause
different dispersoids precipitation stages. It is hence possible that a sec-
ond disperoid has precipitated heterogeneously on a pre-existing one.

The precipitates of Figure 6.4 are surrounded by a depleted zone in
which no fine precipitation is observed. This depletion is probably due
to the high silicon content of the dispersoids (and, possibly, due to the
magnesium content if one of these precipitates is a ((MgaSi)) which
leaves insufficient silicon for the 3" — 3’ precipitation later in the alloy
heat treatment stages. Nevertheless, the diffusivity of elements in solid
solution should be sufficient to avoid this effect. The stress field caused
by the dispersoids could also be a reason for the depletion.
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Figure 6.5. 3" precipitation in the base material ([100]al zone axis).

(c) Hardening precipitates

As shown in Figure 6.5, a high density of fine precipitates is observed
by transmission electron microscopy (TEM) in the base material alu-
minum, i.e., the alloy 6005A-T6 . The DSC response of the base material
presented in Figure 6.6 shows indeed a large 3 dissolution peak at about
260°C and a (3’ precipitation peak at about 300°C. The fine precipitates
in the micrographs of Figure 6.5 are thus 8" precipitates. The precipi-
tates observed in Figure 6.5 have squared sections as can be expected
for 3 precipitates, see Table 2.1 (page 10).

Analyzing 620 end-on precipitates (i.e. precipitates with the long axis
perpendicular to the plane) and 140 precipitates parallel to the plane (i.e.
precipitates with the long axis parallel to the plane) gives the precipitates
size distribution shown in Figure 6.7. The number of 8" precipitates is
three times the number of end-on precipitates to take the two other
possible orientations into account [38]. Radius and length size classes
are chosen to be respectively 0.25 nm and 10 nm wide in order to obtain
smooth size distributions.

Figure 6.8(a) shows for all the precipitates with the long axis in the
plane of observation that there is no strict correlation between the length
and the width of these particles. An equivalent radius is defined based
on equivalent volumes for precipitates having their length equal to the
mean length. Figure 6.8(b) shows the equivalent radius distribution of
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Figure 6.6. DSC curve of base alloy number 1.
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Figure 6.7. 3" precipitates size distribution in the base material. (a) Particles area
radius distribution; (b) particles length distribution.
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Figure 6.8. 3" precipitates size distribution in the base material: (a) length as a
function of width for the precipitates with the long axis in the plane of observation;
(b) equivalent radius distribution considering all the precipitates lengths are equal to
the mean length.

Precipitate | Orientation of Mean Standard
dimensions | the precipitates value deviation
Total density end-on (x 3) 5.8 % 10% m=3 /
Area radius end-on 1.4 nm 0.4 nm
Feret radius end-on 3.5 nm 1.1 nm
Length long axis parallel 20 nm 8 nm
to plane
Equivalent end-on 3.04 nm 0.6 nm
radius (+ mean length)

Table 6.2. Base material 3" precipitates analysis.

the base material 3" precipitates. Table 6.2 summarizes the results of
the image analysis.

The total number of precipitates per unit volume (integration of the
distribution in Figure 6.8(b)) has been compared to the maximum volume
fraction considering all the magnesium had precipitated into §(MgaSi)
compounds. This maximum volume fraction is equal to 0.75%. The
volume fraction obtained by TEM images analysis is very close to 0.75%.

6.1.2 Natural aging

Alloy 6005A naturally ages at room temperature in less than one year
depending very much on the alloy exact composition and in particular in
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Figure 6.9. Natural aging (NA) effect on hardness: (a) evolution of hardness as a
function of time after complete solution heat treatment (SHT'); (b) comparison of the
hardness before (less than 10 minutes of NA) and after natural aging (50 days) of
partially dissolved samples.

Time of natural aging < 10 min | 35 100

days | days
Yield strength at 0.2%, R, [MPa) 44.1 95.5 | 99.2
Tensile strength, R, [MPa] 128.1 204.9 | 210.6
True strain at onset of necking, &, 0.173 0.209 | 0.215
Strain hardening exponent, n,, 0.326 0.200 | 0.213
Dislocation storage rate, § [MPa] 1868 1934 | 1872
Recovery rate, 3 16.9 11.2 | 10.4

Table 6.3. Natural aging effect on the tensile properties evolution after solution heat
treatment in alloy number 1.

the copper content. The natural aging of the base materials was studied
by solutionizing the material (530°C for 1 h, see[28|) and by measuring
then the hardness evolution with time (see Figure 6.9(a)). The evolution
of the tensile properties of base alloy number 1 at three different times

of natural aging following a solution heat treatment are given in Table
6.3.

DSC is the only technique used in this study to quantify the extent
of GP zones precipitation which can hardly be observed with classical
TEM. Figure 6.10 compares the DSC curve after 3 weeks and 1.5 years
of natural aging following solution heat treatment. Before the 3” — 3
precipitation peak observed at around 260°C' — 310°C, an endothermic
peak is detected around 220°C. This peak results from the dissolution of
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Figure 6.10. DSC curve of solution heat treated specimens having an intermediate
natural aging level (NA = 3 weeks) and a completed natural aging level (NA = 1.5
years).

GP zones. The area of the GP dissolution peak after 3 weeks of natural
aging is much smaller than after 1.5 years of natural aging confirming
that the extent of GP zones precipitation significantly increases, even
after 3 weeks of natural aging.

A low concentration in solid solution does not favor natural aging. A
driving force is needed for natural aging. Figure 6.9(b) shows the evo-
lution of the hardness of different samples heat treated for less than 10
seconds at various temperatures ranging from 275°C to 430°C?2. There
seems to be a low hardness level of about 60 — 70 HV1 needed for the
natural aging process to proceed. This low hardness level corresponds
to a high solid solution concentration. The need for a high driving force
(a high solid solution concentration) to precipitate GP zones could be
due to the relatively low copper content of the 6005A aluminum alloy.
Deschamps et al. [25] have shown that the copper content plays an im-
portant role on favoring precipitation, of GP zones in particular. Base
alloy number 1 has a relatively low copper content. The slower GP
zone precipitation kinetic of base alloy number 2 compared to base al-
loy number 1, which has a slightly higher copper content, confirms the
tremendous effect of the copper content on natural aging (see Figure

2Tt is of no interest to indicate the exact times and the exact temperatures of the
heat treatments since so short heat treatments are not reproducible and the samples
do not reach directly the imposed temperature. The choice of working with very short
heat treatment was made in order to limit the effect of coarsening that also has an
impact on hardness.
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6.9(a)).

6.1.3 Tensile properties of heat treated specimens

Figure 6.11 and 6.12 show the evolution of the tensile properties of
alloy number 1 as a function of the duration of the heat treatment. The
yield strength results are classically presented and commented in the
scientific literature for other alloys of the 6xxx series [56, 57, 63, 90, 99,
100, 144], these will be the basis of the discussion of our results in this
section.

Figure 6.11 shows the tensile properties of samples heat treated at
180°C, starting from a supersaturated solid solution comparing the ef-
fect of carrying out the heat treatment after 2-3 days of natural aging
and after 2 weeks of natural aging. The 180°C heat treatment was not
performed immediately after the solution heat treatment since it would
then take a very long time for the material to harden. On the other hand,
Figure 6.11 shows that their is no need to wait more than a few days
for starting the hardening heat treatment since waiting for 2 weeks does
not accelerate significantly the precipitation kinetics, small germs of GP
zones are sufficient to favor precipitation of ”. During this heat treat-
ment, the evolution of the strengthening precipitates and the ensuing
mechanical properties is the following:

e For time < 6 — 10 h, 3" precipitates grow to a size that insures
optimal strength. The precipitates volume fraction is maximum
after 6 to 10 h at 180°C [28]. The increase of the precipitates
volume fraction causes an increase in strength and a decrease in
strain at necking. The strain hardening parameter § seems to
decrease only very slightly when precipitates grow to their optimal
size. The strain hardening parameter 6 is much more affected by
this precipitation growth.

e For time > 6 —10 h, 8” precipitates grow and eventually transform
to " and 3(MgySi) precipitates. The size of the precipitates being
greater than a critical value, the precipitates are bypassed by the
dislocations following the Orowan mechanism and this leads to a
decrease in strength with increasing precipitate size. The strain at
necking keeps decreasing. The strain hardening parameters # and
0 increase drastically when the precipitate size increases.

Figure 6.12 shows the tensile properties of samples heat treated at
300°C and 350°C from the T6 state, i.e. base alloy number 1. Here



Microstructure and local mechanical characterization 97

300 300

250

200

Rp [MPa]
2
Rm [MPa]
n n
8 3

100
50 ——2-3 days of NA|| —6—2-3 days of NA
—— 2 weeks of NA —— 2 weeks of NA
0 : 150
107" 10° 10’ ¥ 10" 100 10’ 10°
Time [h] Time [h]
(@) (b)
0,85 e 0.22
—6—2-3 days of NA
—e—2 weeks of NA 0.2
0.2 1 0.18
0.16
2015 1 L= 014
0.12
0.1 ] 0.1
0.08
0.05 0.06
107 10’ 10" 10° 107 10° 10' 10°
Time [h] Time [h]
(c) (d)
2000 30 .
—6— 2-3 days of NA —o—2-3 days of NA
1800+ —+—2 weeks of NA |4 ——2 weeks of NA |
1600+
F 1400}
=3
o 1200/
1000}
8001
600
10
Time [h] Time [h]
(e) f)

Figure 6.11. Evolution of the tensile properties as a function of the duration of
heat treated at 180°C for alloy number 1. The heat treatment is performed after
solutionizing and natural aging. Two times of natural aging (IVA) after solutionizing
and before the heat treatment are compared. (a) Yield strength R,; (b) ultimate
tensile strength R,,; (c) strain hardening exponent at necking n,; (d) true strain
at the onset of necking €,; (e) 0 strain hardening parameter; (f) § strain hardening
parameter.
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Figure 6.12. Evolution of the tensile properties as a function of the duration of heat
treated 300°C and 350°C from T6 state for alloy number 1. (a) Yield strength Rp;
(b) ultimate tensile strength Ry,; (c) strain hardening exponent at necking n.; (d)
true strain at the onset of necking £,; (e) 6 strain hardening parameter; (f) 3 strain
hardening parameter.
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two effects play a role: the dissolution of precipitates which takes place
very rapidly and the slow coarsening of the precipitates. After only a
few minutes of heat treatment, the strength drastically drops comparing
to the initial strength of base alloy number 1 that is equal to 255 MPa.
This is due to the partial dissolution of the fine hardening precipitates
typical of the T6 state. After a longer heat treatment time, the strength
decreases slowly for the 300°C and 350°C heat treated samples. This
slower decrease in strength is due to the precipitates coarsening. A tran-
sition in the evolution of the strain hardening parameters # and 8 occurs
after some time of heat treatment. This time depends on the heat treat-
ment temperature and is of about 30 minutes for the 350°C heat treated
sample. After that transition, the strain hardening parameters 6 and
0§ drop while the strain hardening exponent n, and the deformation at
necking ¢, increase. This transition will be attributed in chapter 8 to
the loss of coherency for very large precipitates.

Hardness measurements have been performed on samples of base alloy
number 2 heat treated at 200°C, 250°C, 300°C, 350°C and 400°C. The
trends are similar to those shown in Figure 6.12 for the yield strength.
The results on alloy number 2 will only be used for the validation of the
microstructural and yield strength models and will be presented in the
corresponding chapter (see Figure 7.6).

6.2 Microstructural characterization of the welds

6.2.1 Grain size evolution

Figure 6.13 shows the evolution of the grain size in a friction stir
weld on a transverse section from the base material to the nugget trough
the heat affected zone. Image analysis was not systematically performed
since the size of the grains in the base material vary a lot (see Figure
6.13(a)). Nevertheless, some trends are worth commenting:

e The heat affected zone seems to involve a slight grain growth (see
Figure 6.13(b)). The effect of this small grain growth on the
strength in this zone is certainly much smaller than the effect of
the fine precipitates dissolution and coarsening.

e The grains in the TMAZ are elongated in the deformation direction
(see Figure 6.13(c)). The size of these grains does not appear
affected by the deformation process.
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Figure 6.13. Observation of the grains by optical microscopy in a weld with welding
parameters 500 mm/min and 2000 rpm: (a) base material; (b) heat affected zone
(HAZ); (c) nugget-TMAZ-HAZ transition; (d) nugget.

e The weld nugget has very fine and equiaxed grains (see Figure
6.13(d)). There is thus a clear evidence of recrystallization in that
zone. The strength of the weld nugget could be slightly increased
by this grain size reduction but this effect is certainly smaller than
the effect of the fine precipitates dissolution. It will be shown
further that the yield strength and the hardness of the nugget are
similar to that of the TMAZ which confirm the negligible effect of
the grain size on the yield strength and hardness of the material.

6.2.2 Precipitates only affected by large strains in the
weld center

As mentioned in chapter 2, the a(AlFeMnSi) precipitates do not
dissolve during welding since their temperature of dissolution is far above
the temperature reached during the friction stir welding process. These
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Figure 6.14. Evolution of the size and proportion of « precipitates in the mid-
thickness plate section for a weld with welding parameters 1000 mm/min and 1000
rpm: (a) surface fraction; (b) area radius; (c) Feret radius; (d) aspect ratio; (e) angle
with the extrusion direction (which is also the welding direction) of the ellipse that
best fits a given precipitate. Scheme on top of Figure: marks left by the tool on the
weld top surface. This distribution is the result of the analysis of 283 SEM images.
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phases are fragmented in smaller particles in the central zone of the weld
due to the high local deformation.

Figure 6.14 shows the results of the analysis of 283 SEM images of the
a(AlFeMnSi) precipitates in the mid-thickness plate section (see scheme
in Figure 3.4) for weld number ”5” (1000 mm/min and 1000 rpm). Table
6.4 summarizes these results. The following observation can be done:

e The size of the precipitates is drastically reduced in the weld center
for —4 mm < y < 3.5 mm corresponding to the TMAZ width at
mid-thickness (see Figure 6.14(b,c)). The particle size seems to be
slightly lower on the retreating side than on the advancing side of
the weld.

e The surface fraction of precipitates (see Figure 6.14(a)) is almost
not influenced by the process since these phases do not dissolve at
the temperatures attained during the welding. The slight decrease
of the surface fraction in the central zone of the weld can be ex-
plained by the lower size of the precipitates, hence some very small
particles could be under the detection limit.

e The shape ratio is almost unaffected by the welding process (see
Figure 6.14(d)). A slight decrease of the precipitates aspect ratio
in the TMAZ can be explained by the rotation of particles that
could change the observed section of the precipitate.

e Interestingly the orientation of the precipitates with respect to the
extrusion direction follows the marks left by the tool on the weld
surface (see scheme on top of Figure 6.14 and Figure 6.14(e)).
Hence the orientation angle is negative on the advancing side of
the weld and positive on the retreating side of the weld.

6.2.3 Precipitates affected by the thermal cycles
(a) TEM study

Figure 6.15 shows the evolution of the fine hardening precipitates in
friction stir welds observed by transmission electron microscopy (TEM).
No TEM observations were performed in the TMAZ. As mentioned ear-
lier the base material contains a high density of fine hardening precipi-
tates. Comparing Figure 6.15(a) and (b), we see that the heat affected
zone has larger and less precipitates than the base material. The section
of the precipitates seem to be more rounded than rectangular which leads
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Precipitate Undeformed | Deformed
dimensions zone zone
Surface fraction 1.2% 1.1%
Aspect ratio 1.75 1.67
Area radius 0.9 um 0.6 um
Feret radius 1.1 pm 0.8 ym
Largest axis of the closest ellipse 2.1 pm 1.5 pm
Smallest axis of the closest ellipse 1.2 pm 0.9 pm

Table 6.4. « phases analysis for a friction stir weld with welding parameters 1000

mm/min and 1000 rpm.

Figure 6.15. Fine precipitation evolution in friction stir welds: (a) base material;
(b) heat affected zone (HAZ) of a weld with welding parameters 200 mm/min and
1000 rpm (large 8’ precipitates); (c) nugget of a weld with welding parameters 1000
mm/min and 1000 rpm (no 3’ precipitates observed, dispersoids are not dissolved).
[100] 4! zone axis.
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Figure 6.16. 3" — 3’ precipitation size and density evolution in the heat affected
zone (HAZ) on the advancing side of two friction stir welds: (a) area radius; (b) Feret
radius; (c) length; (d) mean density (number of precipitates per unit volume). Error
bars indicate the standard deviation on the mean values.

to the conclusion that these precipitates are 3’ precipitates rather than
B’ or @' precipitates. For modeling purposes, it is interesting to note
that the 8’ precipitation in the HAZ is homogeneous and seems thus not
affected by the presence of the dispersoids or dislocations. Nevertheless,
we can speculate that the fact that precipitation is not affected by the
presence of dislocations might not be the case in the TMAZ where high
deformations increase the dislocation density favoring heterogeneous pre-
cipitation. Fine precipitates are not observed in the nugget (see Figure
6.15(c)) and apparently the dislocation density is lower. The observa-
tion of a dispersoids, see Figure 6.15(c), lead to the conclusion that the
dispersoids are not dissolved during welding.
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Figure 6.17. Length of all precipitates with the long axis in the plane of observation
as a function of their width.

The evolution of the radii, length and density of the fine precipitates
as a function of the position along the direction transverse to the welding
line are presented in Figure 6.16 for a hot and a cold weld. Note that
only one TEM sample is extracted for a given zone. The number of preci-
pitates per unit volume is thus obtained from only one EELS (Electron
Energy Loss Spectroscopy) thickness prediction. Considering also that
the number of precipitates observed is very low, slight inhomogeneities
in the precipitate distribution will significantly affect the measured num-
ber of precipitates per unit volume. Hence, the mean density results of
Figure 6.16(d) should be treated with care.

The size and density evolutions of Figure 6.16 confirm the qualitative
observations of Figure 6.15: the precipitates size increases in the heat
affected zone (HAZ) and the precipitate density decreases. Note how-
ever that the precipitates size decreases nearer to the weld center due
to the dissolution of the precipitates initially present in the base mater-
ial. Indeed, the temperatures reached close to the weld center favor the
dissolution of particles rather than their coarsening.

(3 precipitates are semi-coherent while 3” precipitates are coherent
with the aluminum matrix (see Table 2.1, page 10). The precipitates
preferably grow in the direction of the rod axis due to the low coherency
of the 3 precipitates in this direction. Figure 6.17 shows that above a
certain width (about 2.5 nm) the length of the precipitate grows much
faster than the width. This makes us conclude that the 3”-3’ transfor-
mation has been over-passed in these friction stir welds. Indeed, if the
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length of some precipitates has more rapidly grown than their width it
is a hint that the precipitates observed have most probably a preferable
direction of growth and hence are 3 rather than 3”.

Figure 6.16 shows that the precipitates length within the heat affected
zone are larger in a hot weld (200 mm/min and 1000 rpm) than in a cold
weld (1000 mm /min and 1000 rpm). The fact that the precipitates radius
is relatively similar in the two welds even though the hot weld has much
longer precipitates confirms that the heat affected zone is composed of 3
precipitates in both welds. The transition between 3" and 3 precipitates
is identified at a width of the precipitates with the long axis in the
plane of observation of about 2.5 nm in Figure 6.17. This transition
width seems to be over-passed in both welds. Indeed, the width of the
precipitates with the long axis in the plane of observation is in between
the area and the Feret radius of the precipitates observed end-on. The
maximum observed area and Feret radius of the precipitates observed
end-on in the HAZ of both welds are respectively of about 3 and 4 nm.

(b) DSC study

3" dissolution and (' precipitation. Figure 6.18(a) presents the
typical DSC curves observed in the HAZ and weld nugget of a friction
stir weld made of alloy 6005A-T6 in comparison to the base material
DSC curve.

HAZ MID-LEVEL HARDNESS. (3" precipitates have probably started to
dissolve, some have been transformed in [3'. The surface of the 3 DSC
precipitation peak is unchanged when compared to the base material
peak. The schematic curves in Figure 6.18(c) explains how we conclude
that both 3” dissolution and (3’ precipitation occur in the "HAZ mid-
level hardness” region of the weld.

HAZ Low HARDNESS. No 3" nor GP zones are present and 3’ have
precipitated. There is no dissolution peak at 260°C, which means that
the 3" precipitates and GP zones were absent in that region of the weld.
A precipitation peak at that temperature corresponding to the precip-
itation of magnesium and silicon in solid solution into (3" precipitates
during the DSC cycle is observed which proves the existence of a solid
solution in that region of the weld. This confirms the observation al-
ready made when presenting Figure 6.9(b) that no natural aging occurs
if the solid solution concentration is not sufficient. Furthermore, a high
supersaturation in vacancies favors the precipitation of GP zones and
that supersaturation in vacancies is limited when the cooling is not fast
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Figure 6.18. DSC curves in a friction stir weld for weld number 5 (1000 mm /min and
1000 rpm): (a) comparison of the DSC curves of the different zones of the weld (HV
= Vickers hardness); (b) comparison of the DSC curve of a nugget sample with the
DSC curves of a base material T6 sample and a T4 sample; (c) schematic explaining
why the evolution of the DSC curve in the heat affected zone (mid-level hardness)
can be explained by the dissolution of 3" precipitates and the transformation of 3"
in 3’ precipitates in that zone of the weld.
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enough since the material has more time to reach its thermodynamic
equilibrium. The second peak in the DSC curve corresponds to the [’
precipitation. The area of that peak being lower than in the base mater-
ial, it means that (3’ have already precipitated. An estimation of the
relative volume fraction of 3’ present in that region can be obtained by
comparing the area of the 3’ DSC precipitation in the T6 base material
to the area of the 3’ peak in the HAZ low hardness sample: 81% of the
(' that can precipitate has precipitated in that region of the weld. The
remaining 19% precipitate during the DSC heating. This percentage can
be seen as the amount of solid solution which is the origin of the first
precipitation peak during a DSC cycle.

NUGGET. GP zones formation. The DSC curve associated to sample
extracted from the weld nugget shown in Figure 6.18(a) presents a large
first dissolution peak attributed to GP zones dissolution. GP zone have
thus precipitated in the weld nugget during natural aging. The rest of the
DSC curve is very different than the other curves and will be commented
here below.

B(Mg,Si) precipitation in the weld center. Figure 6.18(b) com-
pares the DSC curves of a T4 sample (solution heat treated and naturally
aged for 1.5 years), a T6 sample (base alloy number 1) and a sample ex-
tracted from the nugget of a friction stir weld (naturally aged 1 year).
The following analysis of these curves aims at showing that ((MgsSi)
precipitation might have taken place in the weld nugget.

FIRST DISSOLUTION PEAK. The first dissolution peak in the T4 sample
and in the weld nugget correspond to the dissolution of the GP zones
nucleated during natural aging. The peak area of the T4 sample is
larger than the peak area of the weld nugget. This is a first hint that
extra precipitation has occurred in the weld nugget (probably of small
B(Mg2Si) precipitates), capturing part of the magnesium and silicon that
would normally precipitate in GP zones. Note that the difference could
be slightly exaggerated due to the potential dissolution of the coarse
B(MgsSi) precipitates in the T4 sample during the solution heat treat-
ment which would artificially increase the Mg and Si available for natural

aging.
FIRST PRECIPITATION PEAK. The first precipitation peak in the T4

sample and in the weld nugget correspond to the precipitation of 3” and
(3 precipitates. These precipitates can transform from one to the other.
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The shoulder in the weld nugget sample at 260°C corresponds to the tran-
sition between 3” and 3’ precipitation while the peak at 290°C — 300°C
corresponds to 3’ precipitation. The T4 sample has a shoulder at about
320°C which can be attributed to the precipitation of Si phases that
have probably been dissolved when solution heat treating the alloy. Ac-
tually, these precipitates dissolve during a DSC treatment at 520°C (at
10°C/min) while a solution heat treatment implies to hold the sample
at 530°C for 1 h. Nevertheless, a clear difference is observed between
the 3”-3' precipitation peak area of the T4 sample and the weld nugget
sample. This is the second hint of 5(MgySi) precipitation in the weld
nugget.

B(MgsSi) PRECIPITATION AND DISSOLUTION PEAKS. The weld nugget
samples exhibits a lower 3(MgoSi) precipitation "peak” (hidden by the
peak convolution) than the T4 and T6 samples. Furthermore, the final
dissolution peak, attributed to 5(MgoSi) dissolution, exhibits a lower
dissolution temperature in the weld nugget compared to the T4 sample.
Moving in the quasi-binary diagram Al-MgsSi toward a higher aluminum
content causes a decrease of the dissolution temperature. Hence, con-
sidering that no alloying element has been lost during the friction stir
welding process, this means that precipitation has occurred in the weld
nugget. The earlier hints as well as the surface of the 3(MgsSi) dissolu-
tion peak suggest that this precipitation is most probably a precipitation
of 5(Mg2Si).

Figure 6.19 shows squared-section platelets of small F(MgoSi) are
present in the weld nugget. Nevertheless, a more systematic observa-
tion of these precipitates is needed to completely confirm the presence
of 5(Mg2Si) precipitates in the weld nugget. Gallais [50] also found in-
dications of the presence of (3(MgySi) precipitates in weld nuggets of
AA6056 friction stir welds. Figure 6.18(a) shows that 3(MgaSi) precip-
itation does not occur in the heat affected zone (HAZ) since there the
end of the DSC curve is identical to the base material curve.

Comment. The possibility of 5(MgySi) precipitation in the weld cen-
ter is a reasonable explanation of the shape of the weld nugget DSC
curve. Nevertheless, the temperatures attained during welding might
also cause the precipitation or the growth of Si rich particles in the weld
center. The only definitive conclusions from our experimental results are
that precipitation occurs in the weld center and that this precipitation
decreases the amount of solute available for post-aging (natural aging or
post-weld heat treatment).
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Figure 6.19. 3(Mg2Si) squared-section platelets in a friction stir weld nugget.

6.2.4 Conclusions of the microstructure characterization

Table 6.5 presents the conclusions of the microstructural characteri-
zation of friction stir welds. The DSC curve analysis conclusions corrob-
orate the TEM observations of the fine precipitates. Our analysis of the
microstructure evolution in friction stir welds is in agreement with the
literature results presented in chapter 2. TEM observations have shown
that the hotter weld (low advancing speed) show much larger 3’ preci-
pitates in the heat affected zone compared to the colder welds (higher
advancing speed).

6.3 Local mechanical properties of the welds

In this section, the mechanical characterization of the friction stir
welds will essentially focus on the local tensile properties and hardness
within the joints. The overall transverse tensile properties of the welds
will be presented in chapter 9. The discussions presented in this chapter
are only the ones that can be made based on the experimental results.
Model development presented in chapters 7 and 8 will help further un-
derstand some aspects of the local mechanical properties distribution.

6.3.1 Results
(a) Hardness and yield strength of friction stir welds

Hardness evolution. The hardness distribution is the easiest local
mechanical property to measure in a welded sample. It provides also
very local measurements, more local than the tensile properties obtained
by micro-tensile tests which give an average value over the thickness. A
hardness map in a transverse section gives the shape of the thermally
affected zone as shown in Figure 6.20(a,b) for different welding condi-
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(nugget and TMAZ)

Weld zone HV1 after NA | Microstructure
Base material 105 HV1 - high density of 5"
(BM) - no Mg and Si in SS
- coarse « unaffected
Heat affected zone 80 — 90 HV1 - less 3” than in BM
(HAZ) - some Mg and Si in SS
- some (3’
- coarse « unaffected
Heat affected zone -no 3"
(HAZ) 60 — 70 HV1 | - lot of
- some Mg and Si in SS
- no GP zones after NA
- small grains
- low dislocation density
- dispersoids not
Weld center 70 HV1 dissolved

- coarse « broken up
-no 8" nor &

- GP zones after NA
- some (3(MgaSi)

Table 6.5. Summary of the conclusions of the microstructural characterization of
friction stir welds (HV1=Vickers hardness 1 kg, SS=solid solution, NA=natural ag-

ing).
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Figure 6.20. Hardness variation in transverse sections of friction stir welds at (a,c,e)
constant rotational speed equal to 1000 rpm and (b,d,f) constant advancing speed
equal to 1000 mm/min: (a,b) maps along transverse sections; (c,d) distances from
the weld centerline of the minimum hardness zones (taken at 85 HV); (e,f) hardness
profile at mid-depth.
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Figure 6.21. Evolution of the yield strength defined at 0.2% offset from linearity
as a function of the position along a transverse section of the welds: (a) effect of the
advancing speed for a rotational speed equal to 1000 rpm ;(b) effect of the rotational
speed for an advancing speed equal to 200 mm/min. Errorbars indicate the standard
deviation on the mean yield strength value from the measurments of 3 samples for
each specific weld zone.

tions. When the advancing speed increases the inclination of the HAZ
boundary increases. Figure 6.20(c,d) and (e,f) show that the width of
the low hardness zone decreases with increasing advancing speed and
decreasing rotational speeds. A clear asymmetry is observed with the
position of the hardness drop which is closer to the weld centerline on
the retreating side of the welds than on the advancing side of the welds.
The difference increases with decreasing advancing speed and increasing
rotational speed. The hardness of the weld is slightly lower on the re-
treating side of the weld. Figure 6.20(e,f) shows that the hottest welds
(200 mm/min) present a hardness minimum in the heat affected zone
lower than in the weld center. This difference is not observed in the cold
welds.

Yield strength evolution The yield strength distribution throughout
the weld zones has been measured with micro-tensile tests machined
within the different zones of the welds as explained in chapter 3, section
3.3.2. Results are presented in Figure 6.21. Figure 6.22 shows that the
minimum yield strength (always located in the heat affected zone or very
close to the thermo-mechanically affected zone) increases with increasing
advancing speed and decreasing rotational speed. The advancing side
of the welds have generally a lower minimum yield strength than the
retreating side.
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Figure 6.22. Comparison between the minimum yield strength of the micro-tensile
specimens on the advancing and on the retreating side of the weld: (a) effect of
the advancing speed for a rotational speed equal to 1000 mm/min; (b) effect of the
rotational speed for an advancing speed equal to 200 mm/min.

(b) Local strain hardening capacity in friction stir welds

Figures 6.23 and 6.24 show the evolution of various index associated
to the strain hardening capacity as a function of the position along the
transverse section of the weld for different welding conditions.

The strain hardening exponent at the onset of necking n,, and the true
strain at the onset of necking ¢, should theoretically be equal in order to
fulfill the Considere criterion. Figures 6.23(b,c) and 6.24(b,c) show sig-
nificant differences for the samples extracted from the heat affected zone
and from the thermo-mechanically affected zone. The reason is that the
Considere criterion is valid only for homogeneous materials. Hutchin-
son et al. [64] showed that tiny geometrical or material inhomogeneities
causes premature necking. Figure 6.25 shows that the ratio of the small-
est edge thickness to the largest edge thickness lg/l;, (defined in section
3.3.2), considered as being a good parameter to study the inhomogeneity
of the samples, is much lower than 1 in the zones where the Considere
criterion is clearly not verified. Furthermore, the very small section of
these micro-tensile samples (0.8 mm x 4 mm) increases the machining
imprecision. Hence, the error bar on e, has been enlarged when the
Considere criterion is not verified. This was done as explained in Figure
6.26(b). Figure 6.26 shows two extreme situations. Figure 6.26(a) shows
a sample for which the Considere criterion is properly fulfilled. In that
case no correction is made to the error bar. Figure 6.26(b) shows a case
where premature necking occurs. In that case the value of ¢, could be
higher than the 0.05 measured by up to a value equal to 0.09.
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Figure 6.23. Variation of the tensile properties as a function of the position along
a transverse section of the weld for different advancing speeds and a rotational speed
equal to 1000 rpm: (a) Ultimate tensile strength R,,; (b) strain hardening exponent
at the onset of necking n.; (c) true strain at the onset of necking e.; (d) true fracture
strain e; (e) 0 strain hardening parameter; (f) 3 strain hardening parameter.
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Figure 6.24. Variation of the tensile properties as a function of the position along
a transverse section of the weld for different rotational speeds and an advancing
speed equal to 200 mm/min: (a) Ultimate tensile strength R,,; (b) strain hardening
exponent at the onset of necking n.; (c) true strain at the onset of necking £,; (d) true
fracture strain e; (e) @ strain hardening parameter; (f) 3 strain hardening parameter.
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(a) sample for which the Considere criterion is verified; (b) sample showing premature
necking.
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The ultimate tensile strength in the weld center (see Figures 6.23(a)
and 6.24(a)) is higher than the ultimate tensile strength in the HAZ
while the magnitude of the yield strength are similar. One can notice
that the effect of the welding parameters on the ultimate tensile strength
follows the evolutions of the strain hardening parameters # and g with
the welding conditions.

The variation of € is not symmetric with respect to the weld centerline
close to the weld center. The retreating side quite systematically exhibits
a lower #. This trend is more marked for extreme advancing speeds. The
maximum of both # and 5 is located in the heat affected zone.

Figure 6.23 shows no significant effect of the advancing speed on the
strain hardening exponent at the onset of necking. The HAZ has a
slightly higher true strain at the onset of necking when the advancing
speed decreases. Figure 6.24 shows that the rotational speed only affect
the nugget (y = 0) resistance of material to necking. A higher rotational
speed leads to a lower true strain at the onset of necking.

(c) Local strain to fracture of friction stir welds

Figures 6.23(d) and 6.24(d) show the evolution of the local fracture
strain for different welding conditions. The true fracture strain is the
highest in the heat affected zone. This is interesting since it is the weakest
zone of the weld and hence the region where the deformations will localize
when loading a welded sample. The rotational speed has a clear effect on
the true fracture strain in the nugget center (y = 0). The true fracture
strain of the weld nugget decreases when the rotational speed increases.
The asymmetry in the HAZ true fracture strain seems to depend on
the welding parameters. No definitive comparison can be given with the
samples extracted from the welds with different rotational speeds but the
effect of the advancing speed is more obvious. The heat affected zone
on the advancing side of the weld has generally the lowest true fracture
strain.

(d) Effect of a post-welding heat treatment

The post-welding heat treatment (PWHT) is a way for estimating
the solid solution content of a region of the weld before the PWHT. Like
DSC cycles, PWHT response are the signature of the microstructure.
We are not interested here in finding ways to optimize the properties of
the weld. The post-welding heat treatment will help discuss some of the
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Figure 6.27. Evolution of the hardness profiles resulting from post-welding heat
treatment at 185°C for 6 h for welds with welding parameters: (a) 1000 mm/min and
1000 rpm; (b) 200 mm/min and 1000 rpm; (¢) 200 mm/min and 500 rpm.

results established by microstructural characterization. A post-welding
heat treatment at 185°C for 6 h [28] has been applied to our friction
stir welds. Figure 6.27 shows the hardness evolution caused by the post-
welding heat treatment of three friction stir welds with extreme welding

conditions.
The following trends can be observed:

e The base material is unaffected by the PWHT.

e The hardness at the outer side of the HAZ is recovered after a
PWHT. This is not the case at the hardness minimum.

The hardness of the weld nugget is nearly recovered.

The zone of low hardness remain larger on the advancing side of
the welds than on the retreating side of the welds after a PWHT.
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Figure 6.28. Variation of hardness as a function of yield strength in the heat affected
zone. Linear fit according to expression (6.1).

e When the advancing speed decreases, the capacity to recover hard-
ness after a PWHT at the hardness minimum decreases.

6.3.2 Discussion
(a) Linking the hardness and the yield strength

There is no apparent difference between the yield strength distribu-
tion shown in Figure 6.21 and the hardness distribution shown in Figure
6.20(e,f). The hardness and the yield strength are related by the fol-
lowing least square linear fit established on the hardness measurements
of the micro-tensile specimens of the HAZ? prior to the tensile test (see
Figure 6.28):

HV =35.6+0.26 IR, (6.1)

Note that the hardness is influenced by the degree of strain hardening.
Hence, expression (6.1) is less accurate in the weld center were the strain
hardening capacity is larger than in the base material.

(b) Linking the microstructure evolution with the hardness and
local yield strength distribution

Yield strength of the weld center. The yield strength in the weld
center is similar to the yield strength of a naturally aged sample (see

3Tt has been chosen to relate the hardness and the yield strength only in the HAZ
since that zone of the welds exhibits the highest variations in hardness and yield
strength.
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Table 6.3, page 94) even though [5(MgeSi) might have precipitated in
the weld nugget, decreasing the amount of alloying elements available to
generate GP zones. The grain size in the nugget is very low compared to
that of the base material and the time of natural aging corresponding to
the results of Table 6.3 (page 94) was smaller than the time left between
the welding and the hardness and yield strength measurements reported
in Figure 6.20 and 6.21. These effects probably explain the apparent
contradiction of the 5(MgsSi) precipitation in the weld center while the
yield strength level in the weld nugget is equal to the level of a naturally
aged sample.

Correlation with the DSC results. The marked drop in hardness
and yield strength in the heat affected zone (HAZ) is the consequence
of the partial dissolution and transformation of the hardening precipi-
tates 3" into coarser (3’ precipitates. Figure 6.29 shows the evolution
of the area of the first DSC dissolution peak as a function of the posi-
tion along a transverse section of weld number ”5” (1000 mm/min and
1000 rpm). The correlation with the hardness evolution is perfect: when
the 3" precipitates dissolve in the weld, both the area of the first DSC
dissolution peak and the hardness drop drastically. Note that this first
dissolution peak should theoretically combine the dissolution of the GP
zones and of the 3” precipitates but, in practice, very few GP zones will
form in the weld center due to the fact that the supersaturation is not
sufficient for GP zone precipitation when dissolution is partial. Hence
the two dissolutions (GP zones and ") can be considered as uncoupled
in Figure 6.29. In the weld center, GP zone precipitation leads to an
increase of the first DSC dissolution peak. The DSC first dissolution
peak shows a minimum when only 3 precipitates harden the material,
since in that region no GP zones and no " are found (corresponds to
plot "HAZ, low HV” in Figure 6.18(a)), hence no DSC first dissolution
peak is observed).

General trends of the hardness evolution due to a PWHT. The
evolution of the hardness with a post-welding heat treatment (PWHT)
can be correlated with the microstructural evolution in the welds sum-
marized in Table 6.5 (page 111). The trends of Figure 6.27 can be ex-
plained as follows.

e Base material. The base material is basically unaffected by the
post-welding heat treatment. Figure 6.11 showed that the yield
strength remains at a maximum for heat treatment lasting 6 hours
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Figure 6.29. Area of the first DSC dissolution peak (3" dissolution peak or GP
zones dissolution peak) throughout weld number 5 (1000 mm/min and 1000 rpm),
comparison with the hardness evolution.

at 180°C. Hence it is not surprising that the base material hardness
is not sensitive to a post-welding heat treatment.

e Heat affected zone. If the beginning of the hardness drop zone
corresponds to a zone where the 8” precipitates have been partially
dissolved, the hardness should be recovered by the PWHT. Hence
the hardness level of that zone after PWHT should be higher than
just after welding. This is what is observed in the three welds in
Figure 6.27 which confirms the conclusions drawn from the analysis
of the DSC results that some dissolution has occurred in the "HAZ,
mid-level hardness”. The (' precipitation leads to a decrease of
the solid solution available for precipitation of 8” during the post-
welding heat treatment, causing the drop of hardness after PWHT
in the HAZ close to the weld center.

e Weld nugget. The central zone of the weld has a high concen-
tration in solid solution elements which lead to the formation of
GP zones by natural aging. The GP zones constitute nucleation
sites for the precipitation of hardening (3" precipitates during the
PWHT increasing the PWHT hardness in the weld center. Never-
theless the hardness is not completely recovered. This confirms
that another precipitation presumably of (F(MgsSi) as explained
earlier in section 6.2.3(b) has occurred leading to a decrease of the
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magnesium and silicon in solid solution.

Effect of the welding parameters on the hardness evolution due
to a PWHT. Figure 6.27(b) showed that the PWHT hardness of the
HAZ in welds obtained with low advancing speed is much lower than the
hardness of a weld with a higher advancing speed (see Figure 6.27(a)).
Two effects can be invoked to explain this observation.

e TEM observations of the heat affected zones (HAZ) have shown
that the (' precipitates are much larger in welds corresponding
to a low advancing speed (see Figure 6.16). Large precipitates
lead to lower hardening capacity than smaller ones. Hence, the
mean radius after a PWHT (combination of the increased radius
of the large precipitates and the radius of the precipitates that
have nucleated during the PWHT) will be higher in the HAZ ("low
hardness”) for a weld with a lower advancing speed than for a weld
with a high advancing speed.

e If the volume fraction of 3 precipitates in the heat affected zone of
a hot weld is higher than in a cold weld, then less solid solution is
available for the precipitation of 3" during the post-welding heat
treatment.

The rotational speed, for the low advancing speed in Figure 6.27(b) and
(d) (200 mm/min), has no clear effect on the minimum PWHT hardness
in the HAZ. Hence, the size and volume fraction of the (3 precipitates
in that zone should not be markedly affected by the rotational speed at
least for an advancing speed equal to 200 mm /min.

Hardness drop in the HAZ zone. The drop in hardness or in yield
strength in the heat affected zone is more important in the hottest weld.
Two effects can cause this difference:

e Hot welds involve 3 precipitates in the HAZ, see result of TEM
measurements shown in Figure 6.16. These precipitates have even
less hardening capacities if their size increases.

e If the volume fraction of 3 precipitates is well higher in the hot
weld (a conclusion of the PWHT results) then less solid solution is
left for GP zones formation by natural aging.
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(c) Strain hardening capacity of the weld zones

The ultimate tensile strength in the weld center is higher than the
ultimate tensile strength in the HAZ while the magnitude of the yield
strength are similar. This is due to the much larger strain hardening
capacity of the weld center (see Figures 6.23(b) and 6.24(b)). This result
is important because it will significantly affect the overall flow behavior
of the welded sample. The weakest zone of the weld is the heat affected
zone where not only the yield strength is minimum but also where the
strain hardening capacity is the lowest. The importance of the strain
hardening capacity in the global behavior of friction stir welds in 6005A-
T6 justify the interest for developing a better understanding of the strain
hardening mechanisms which is the purpose of chapter 8.

(d) True fracture strain evolution

True fracture strain of micro-tensile samples of the base mater-
ial. The true fracture strain of the base material micro-tensile speci-
mens is much higher than the value given in Table 3.4 (page 33) for
macro-specimens of the base material. A closer look at the fracture
mode shows that a shear band is present in the macro-specimens while a
high level of necking is observed in the micro-tensile specimens. Hence,
values of true fracture strain have to be taken comparatively to one an-
other and not in absolute value. The geometry of tensile test samples
does indeed affect the geometry of the neck and the propensity toward
shear banding.

Evolution of the true fracture strain. The evolution of the true
fracture strain is a complex interaction between the yield strength, the
strain hardening capacity of the various regions of the weld and the evo-
lution of the larger precipitates responsible for the nucleation of voids.
Further study is needed to understand the true fracture strain distribu-
tion throughout friction stir welds. The effect of the rotational speed
on the true fracture strain in the nugget can probably be attributed
to the precipitation of F(MgsSi) in the weld center. This precipitation
might depend more on the rotational speed than on the advancing speed.
Indeed, the thermal model has shown that the maximum temperature
reached in the weld at hottest point is mainly affected by the rotational
speed (see Figure 5.12(d)). The S(MgySi) precipitates are preferential
sites for the cavities that will grow and coalesce to specimen fracture.
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(f) Asymmetry

The thermocouple measurements presented in chapter 4 and the ther-
mal modeling in chapter 5 brought the conclusion that the advancing side
of the weld is generally hotter than the retreating side due to the con-
vection of hot material toward the advancing side. This temperature
difference increases with increasing advancing speed (see Figure 4.9).
Some of the results of the local mechanical properties characterization
also show asymmetries.

e Width of the thermally affected zone. Figure 6.20(a) showed
that the width of the zone thermally affected is larger on the ad-
vancing side than on the retreating side. The difference increases
with decreasing advancing speed and increasing rotational speed.
The zone of low hardness after a PWHT is larger on the advancing
side than on the retreating side for all the welding parameters of
Figure 6.27. Both these observation speak for a hotter advancing
side.

e Minimum tensile properties. Figure 6.22 shows that the mini-
mum yield strength is generally higher on the advancing side than
on the retreating side. A similar effect was observed on the hard-
ness distributions of Figure 6.20. The tendency of the strain harde-
ning capacity results of Figure 6.23 and 6.24 is also to have an
advancing side stronger than the retreating side. Model results
presented in chapter 10 will help understand why the hottest side
of the weld (i.e. generally the advancing side of the weld) is not
the weakest side of the weld.

6.3.3 Conclusions of the mechanical characterization

Table 6.6 summarizes the evolution of the tensile properties in the
different zones of a friction stir weld.

The distribution of hardness and local tensile properties of five friction
stir welds corresponding to different advancing and rotational speeds
have been measured. The yield strength and hardness variations are
obviously highly correlated through a linear relationship.

On the one hand, the variation of the strength along a transverse line
through the weld are directly connected to the fine precipitates evolution
in the different zones of friction stir welds. On the other hand, the rela-
tionship between the microstructure evolution and the evolution of the
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Weld zone Tensile properties
Base material - R, (and HV') maximum
(BM) - 0 and 8 minimum
- R, high
Heat affected zone | - R, (and HV') low
(HAZ) - 6 and f high
- R, low
- R, (and HV) low
Weld center (same level as HAZ for cold welds)
(nugget and TMAZ) | - 6 high
- 0 low
- R,;, medium level

Table 6.6. Summary of the local tensile properties of friction stir welds. R, is
the yield strength; HV is the Vickers hardness; 0 and (3 are the strain hardening
parameters; R,, is the ultimate tensile strength.

local strain hardening capacity is not obvious. Chapter 8 will discuss the
effect of the microstructural evolution on the local strain hardening abil-
ities. Chapter 9 will discuss the effect of microstructure on the damage
mechanism.

The hardness evolution after the post-welding heat treatment has al-
lowed confirming some of the conclusions of the microstructure charac-
terization of friction stir welds. In particular:

e The base material 3" precipitates dissolve in the zone where hard-
ness starts to drop.

e A phase, probably §(MgsSi), which captures some of the magne-
sium and/or silicon precipitates is present in the weld center.

e The size and volume fraction of 3’ precipitates is higher in the heat
affected zone of the weld having the lowest advancing speed. No
marked effect of the rotational speed has been identified.

The following effects of the welding parameters have been identified:

e The width of the zone affected thermally increases with decreasing
advancing speed and increasing rotational speed.

e The yield strength of very hot welds (low advancing speed) is lower
in the heat affected zone than in the weld nugget while it is not
the case in the cold welds.
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e The true fracture strain of the weld center region increases with
decreasing rotational speed.

Evidences of a difference in mechanical properties between the advan-
cing side and the retreating side have been found: the width of the zone
thermally affected are different, the hardness and yield strength mini-
mum and the strain hardening parameters 6 and [ are also different (and
the ultimate tensile strength also as a consequence). The minimum of
hardness after the post-welding heat treatment seems also higher on the
advancing side than on the retreating side of the weld. These differences
have been attributed to the temperature difference found in chapter 4
between the advancing and the retreating side of the friction stir welds.
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Chapter 7

Microstructure evolution and
yield strength modeling

The microstructural evolution model presented in this chapter is sim-
ilar to the initial version of the "size class model” by Myhr, Grong and
co-workers [98]. Studies by Shercliff and Ashby [121, 122] as well as by
Deschamps, Brechet and co-workers [23] will be used to predict the yield
strength based on the microstructural evolution in the spirit of the work
by Myhr et al. [99]. The thermal cycles measured by thermocouples (see
chapter 4) are used as input data in the model. Since equivalent radius
measurements of the precipitates are only available for base alloy number
1 and two friction stir welds, both models will be calibrated using the
yield strength measurements on heat treated specimens at 180°C from
solid solution (see Figure 6.11(a)) and on the T6 base alloy number 1
mean equivalent radius (see Table 6.2, page 93). The models will then be
validated by comparing predicted and measured yield strength evolutions
for tensile tests at 300°C and 350°C from the T6 state. Finally the model
will be applied to friction stir welds comparing the predictions with the
measured yield strength of the friction stir welds (from the micro-tensile
tests: see Figure 6.12(a)) and precipitate size evolutions in friction stir
welds from TEM observations (see Figure 6.16).

7.1 Models description

The "size class model” is well adapted to study microstructural evo-
lutions during non-isothermal transformations which is particularly the
case during a welding process. This model takes into account an initial
particles size distribution typical of the T6 state of our base material.
The choice of using a "size class model”, rather than the very first model

129
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developed by Myhr et al. [96] often adapted to predict the hardness
evolution in welds (e.g. [97, 46]), is made in order to predict the mi-
crostructure explicitly and use it as input to the strain hardening model
of chapter 8.

Myhr et al. [99, 100, 101] developed a more evolved version of the “size
class model” to distinguish between the 8” and 3’ precipitation rather
than to consider 3’ precipitates as a coarse version of 3” precipitates as
will be assumed here. M. Nicolas and A. Deschamps [104] have applied
the ”size class model” to the modeling of the microstructural evolution
in the arc welding of an Al-Zn-Mg alloy in the T6 and T7 state. Gallais
et al. [49, 50| and Kamp et al. [66] have adapted the "size class model”
to predict the microstructural and yield strength evolution during the
friction stir welding process in 6056 and 7449 aluminum alloys.

7.1.1 Description of the microstructural model
The model consists of three parts:

e a nucleation law predicting the number of stable precipitate nuclei
that form at each time step;

e a rate law calculating the dissolution or coarsening of the precipi-
tates;

e a continuity equation which keeps the record of the amount of
solute being involved in precipitates.

The composition of all the precipitates will be assumed to be MgsSi.
Literature has shown that 8", 5" and 3(MgySi) precipitates do not have
exactly the same composition (see Table 2.1, page 10). Nevertheless,
the assumption of a constant composition allows the treatment of the
complex precipitation sequence of the 3(MgsSi) phase as the nucleation,
dissolution and coarsening of only one type of precipitate. The preci-
pitates will be assumed spherical with an equivalent radius (denoted )
and having the same volume as the elongated precipitates.

Nucleation law. If the incubation period is neglected, the steady state
nucleation rate j [#/m3s] can be expressed as

: . AGZ@)& Qd
_ N _ 7.1
J joezvp< rT )P\ "R,T (7.1)
where jo [#/m? s] is a pre-exponential term to the nucleation rate j,
AGy,, [J/mol] is the energy barrier for heterogeneous nucleation, R,
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(8.314 J/K mol) is the universal gas constant, T' [K] is the temperature
and Qg [J/mol] is the activation energy for diffusion. The energy barrier
for heterogeneous nucleation can be expressed as

(Ao)?

AGhe = (RyT)2[In(Cry/Ce)]?

(7.2)

where Ag [J/mol| is a parameter related to the energy barrier for nucle-
ation, Cyrg [wt %] is the mean solute magnesium content in the matrix
and C. [wt %] is the equilibrium solute content at the precipitate/matrix
interface at temperature T'. Hence, the nucleation process will eventually
stop when C)y;y = C,. For the sake of simplicity, C can be expressed as

C. = Cepexp (— ]g%) (7.3)
where C¢o [wt %] is a pre-exponential term to the equilibrium solute con-
tent at the precipitate/matrix interface and Q. [J/mol| is the apparent
solvus boundary enthalpy (energy per mole needed for the dissolution of
precipitates if expression (7.3) is verified). Cgo and Q. are given by the
equilibrium diagram of the MgsSi phase.

Rate law. When a precipitate, having a radius r and a magnesium
concentration C, [wt %], is present in a supersaturated solid solution
with a mean concentration Cirq [wt %]

o if Cpry > C;, the precipitate will dissolve (r decreases),
o if Cyry < Cj, the precipitate will grow (r increases).

where C; is the precipitate/matrix interface concentration and is given
by the Gibbs-Thomson equation:

(7.4)

C; = Ceexp (2%Vm)

rR,T

where ; [J/m?] is the precipitate/matrix interface energy and V;,, [m?/mol]

is the molar volume of the precipitate, in our case, Mg2Si. The rate vg/,

[m/s| at which dissolution or coarsening occurs is given by:
dr _ CMg - CZ D

where D [m?/s] is the diffusion coefficient which can be written

D = Dgexp <—]§C}> (7.6)
g
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where Dy [m?/s] is a pre-exponential term to the diffusion coefficient D
and Qg [J/mol|, defined earlier, is the activation energy for diffusion.
Based on equation (7.4) and (7.5), it is possible to define a critical equiv-
alent radius r. of a precipitate that will neither grow nor dissolve:

2%V Cg )\
Te = RT (ln( C. >> . (7.7)

Continuity equation. If N [#/m?] is the density of precipitates then
Nuvg). is the particles flux from one class to the other and a mass balance
gives:

ON o 6(Nvd/c) .
o o (7.8)

Numerical discretization. The equivalent radius distribution is di-
vided into small classes of size Ar having a density of precipitates N;
[#/m3] and a mean equivalent radius r;. These size classes are treated as
control volumes to which the continuity equation is applied. As boundary
conditions, an initial size distribution needs to be defined (if no precipi-
tates are present, i.e. after a solid solution heat treatment, it will be a
null distribution) and a very small minimum radius for newly nucleated
precipitates needs to be chosen. The precipitates volume fraction f, is
calculated by

fU = Z gﬂﬁNz (7'9)

(2
and the mean magnesium solute concentration in the matrix Cpry [wt
%] is calculated using
CO - Cpf v
1- fv

where Cy [wt %] is the initial magnesium content in the alloy assuming
that the total amount of magnesium will precipitate as fine MgsSi preci-
pitates. This assumption is valid if silicon is in excess in the alloy and
if the initial coarse 3(MgaSi) volume fraction is negligible. Both these
hypothesis are valid in the 6005A aluminium alloy used in this study.

CMg = (7.10)

7.1.2 Description of the yield strength model

The main contributions to the strengthening mechanism of an age
hardenable aluminum alloy are:

e 0, |[MPa] is the grain size contribution to the flow stress. It is
considered to be negligible in age hardening aluminum alloys.
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e 0,5 [MPa] is the solid solution contribution to the flow stress. It
can be expressed as [60]:

Oas = knrg(Carg)?® + ksi(Csi)?® + kou(Con)?? (7.11)

where kg, ksi and ko, [MPa/ wt%2/ 3] are constants and Clg;
and Cc¢y, [wt %]| are respectively the silicon and copper solid solu-
tion concentration. Copper will be assumed to stay in solid solu-
tion since the 6 precipitates with copper have very low dissolution
temperatures (result of a PANDAT simulation of the alloy 6005A).
This assumption is only valid if the initial copper content in the al-
loy Ccw,,,., [Wt %] is very low otherwise () phases might be formed,
changing thus the precipitation sequence. The silicon solid solu-
tion concentration Cg; is assumed to vary proportionaly to the
magnesium solid solution concentration Cps,. This is equivalent to
assuming that the excess silicon has precipitated in non-hardening
coarse Si precipitates and will not dissolve during the various trans-
formations.

Equation (7.11) becomes
ss = k(Mg, Si)eq(Chrig)*"® + kcu(Coup ) (7.12)

where k(M g, Si)eq is another constant which can be linked to kazg
and kg; if we assume that the magnesium and the silicon (that does
not make Si rich phases) only enter MgySi precipitates

1 _
k(Mg, Si)eq = kpmg + ksi (OOTCP) . (7.13)
p

® 0preci [IMPa] is the precipitation contribution to the flow stress. It
can be expressed as -
Opreci = # (7.14)
were M is the Taylor factor, F' [N] is the mean obstacle strength, b
[m] is the magnitude of the burger vector and [ |m]| is the particles
distance in the glide plane of the dislocations. [ can be expressed in
terms of the mean precipitates equivalent radius r using Friedel’s
formalism [52]
27 r

1= 4/22
3Vh

which, in the case of a size distribution, gives

—3/2
Moy 3R ET
Opreci = b (2F) on 1 (716)

(7.15)
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where I' = BrGb* [N] is the dislocation line tension, B is a constant
close to 0.5 and G [GPa] is the shear modulus. The average obstacle
strength F' is calculated

2. Ni
where F; [N] is the obstacle strength for the size class i. The obsta-

cle strength F; depends on the interaction between the dislocation
and the precipitate.

(7.17)

— If the equivalent radius r; is smaller than an equivalent tran-
sition radius 74.qns, then the precipitates are sheared by the

dislocations and F; = 26rGb? ( Li ) Note that if we as-

Ttrans
sume that all the precipitates have a radius equal to the mean

radius r we find the classical expression:

Opreci = K\/ for (718)

where K = K’/ (rtmns)?’/ 2 is a proportionality constant and
K’ can be calculated as

M 3
K' = —(20)/— (7.19)
b 2w

— If the equivalent radius r; is larger than an equivalent transi-
tion radius ry.qns, then the precipitates are bypassed by the
dislocations following the Orowan mechanism (see schematic
on Figure 7.1) and F; = 26/rGb%. Note that if we assume that
all the precipitates have a radius equal to the mean radius r
we find the classical expression:

Opreci = K/@ (720)

r

e 0, = MaGb,/p is the dislocation density contribution to the flow

stress, where p is the dislocation density and « is a material de-
pendent constant taken typically between 0.2 and 0.5. Concerning
the calculation of the yield strength, we will assume that this last
term is negligible which corresponds to assuming that oprec; >> oy
(p = pinit). Note that this term will have to be accounted for when
modeling strain hardening.
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[2) @ @

Figure 7.1. Dislocation that bypasses precipitates following the Orowan mechanism;
Orowan loops formation (from [67]).

The important contributions of the yield strength are added up
Oy = 00+ Ogs + Opreci (7.21)

were o0 is the friction stress of a pure aluminum (about 10 MPa).

7.1.3 Description of the natural aging model

Natural aging induces an increase of the yield strength due to the
precipitation of GP zones. Esmaeili et al. [39] proposed a model to
describe the yield strength evolution during natural aging. We are only
interested in the final yield strength when the maximum possible amount
of GP zones has precipitated. As explained earlier, a low concentration
in magnesium and copper does not favor the precipitation of GP zones,
hence a certain amount Cj;, [wt %] of alloying elements will remain in
solid solution. The yield strength after natural ageing will therefore be
given by equation (7.22) following the formalism of Esmaeili et al. [39].

T = oy Kovay) AL (Mg, 80)e0(Carg)* + (M, 50)ea(Crim )
0= im
(7.22)

where K4 |[MPal is a constant. The last two terms of expression
(7.22) account for the loss in the solid solution concentration (term o of
equation (7.21)). K4 is calculated from the values of the yield strength
just after a solution heat treatment UZ%‘Z;IT and after the natural aging
process is over 0%“}{%

Knya = U%ET - U%IL}{T + k(Mg, Si)eq(C'O)Q/3 — k(Mg, Si)eq(clz’m)2/3-
(7.23)
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Param. Significance Value Origin
r for BM | BM equivalent radius Figure 6.8(b) TEM on BM
distribution
Co Mg content of alloy 1 0.48 wt % Table 3.3
Cyp Mg content in MgsSi 63.4 wt % [98]
Ao Parameter of the energy 18.6 kJ/mol DSC and =~
barrier for nucleation 99, 100, 101]
Vin Molar volume of MgsSi 3.95.107° m®/mol | [98]
Ceo Pre-exponential term to C. 290 wt % 101
Qe Apparent solvus boundary 41,000 J/mol 101
enthalpy
Dy Pre-exponential term to 107* m?/s Optimized
the diffusion coefficient
Qa Activation energy for 130,000 J/mol [98, 99]
diffusion [100, 101]
Jjo Pre-exponential term to 3.10%7 #/m? Optimized
the nucleation rate j
Vi Precipitate/matrix 0.26 J/m? Optimized +
interface energy [99, 100, 101]
M Taylor factor 2 Textured alloy
G Shear modulus 2.7.10'° Pa 99, 100, 101
b Magnitude of Burger’s 2.84.107° m 99, 100, 101
vector
oo Yield strength of pure 10 MPa [99, 100, 101]
aluminum
kcu Constant for effect of Cu 46.4 MPa.wt%>/® | [99, 100, 101]
SS content on s
k(Mg,Si)eq | Constant for effect of Mg 39.7 MPa.wt%*/® | o, in SS
and Si SS content on o Table 6.3
Tirans Transition radius 3.04 nm Table 6.2
Or Line tension constant 0.45 Maximum oy
Clim Limit C]ug for NA 0.39 wt% DSC, model
and welds
Kna Constant for NA model 58.1 MPa Table 6.3
and eq. 7.23

Table 7.1. Summary of the parameters chosen for the application of the microstruc-
tural model, the yield strength model and the natural aging model to alloy 6005A
(SS=solid solution, BM=base material, NA=natural aging)
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7.2 Parameters identification

Table 7.1 summarizes the parameters chosen for the application of
the microstructural and yield strength models to the aluminum alloy
6005A. Myhr et al. [101] have studied the precipitation in a 6005 alloy
(0.55% Mg and 0.82% Si) having nearly the same composition as to
the 6005A alloy studied in this work. The values of the parameters are
similar to those selected in the latest version of the model by Myhr et al.
[101] (when applicable) since their identification has been refined over
the years up to a very high degree of confidence and physical relevance.
Myhr et al. [101] had to calibrate a few parameters on experimental data
of the equivalent radius and yield strength evolution with time of heat
treatment. We will also consider these parameters as tuning parameters.

7.2.1 Parameters of the yield strength model

M. The Taylor factor is generally equal to about 3.1 in isotropic poly-
crystals. Nevertheless our base alloys are highly textured as confirmed
by the anisotropy of the mechanical properties shown in Table 3.4 (page
33). Hence, a lower value of the Taylor factor, M = 2, is chosen.

Br. The yield strength model has been applied to the base material
equivalent radius distribution in order to get the value of the Gr constant
that gives a good prediction of the base material yield strength. This
yield strength is given in Table 3.4 (page 33): a mean value between the
transverse long and extrusion direction equal to 260 MPa was chosen
for the optimization of Br. A value of Or equal to 0.45 was identified
in agreement with the theoretical value of 0.5 confirming also that the
choice of the Taylor factor M = 2 is reasonable.

Tirans- The radius of transition from dislocations shearing precipitates
to dislocations bypassing precipitates by the Orowan mechanism, corre-
sponds almost to the radius at the peak yield strength. The T6 state is
the peak yield strength state. Hence, the transition radius can be esti-
mated using the mean equivalent radius of the base material 6005A in
the state T6 given in Table 6.2 (page 93).

7.2.2 Parameters of the microstructural model

Ap. DSC measurements from the solid solution state (with and with-
out naturally aging) (see figure 6.10) show a peak of 3” precipitation at
around 260°C. This value will certainly slightly depend on the heating
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Figure 7.2. Evolution of the nucleation rate with temperature with Ay = 18.6
kJ/mol.

rate (if the heating rate increases from 10°C/min to 20°C/min the 5"
peak is shifted by about 20°C [56]) but it will be considered to provide
a good estimation of the precipitation temperature. The nucleation rate
(equation (7.1)) is maximum at 260°C when Ay is equal to 18.6 kJ/mol
for the chosen values of C, Qc, Co and Qq' (see Table 7.1, page 136).

A3 _ Qd(RT)2
° " 2(Qe/RT)[In(Co/Cen)]* — 3[In(Co/Ce0)] 2

(7.24)

Figure 7.2 shows the evolution of the nucleation rate with temperature,
with a maximum at 260°C when Ay is equal to 18.6 kJ/mol.

The parameters Dy, jo and ~; are calibrated based on the yield strength
values of solution heat treated samples aged at 180°C (see Figure 6.11,
R, =~ 0,). Figure 7.3(a) shows that for optimal values of ~; and jo, a
pre-exponential term to the diffusion coefficient Dy equal to 10~* m? /s
better predicts the yield strength variation than Dy = 2.2.10™% m?/s as
proposed by Myhr et al. |98, 99, 100, 101]. Our value of Dy is though
similar to the value found in the work by Van Horn [141]|. This correction
on the diffusion coefficient is acceptable since its measurement is approx-
imate. Figure 7.3(b) shows that optimal values of the pre-exponential
term jo and the precipitate/matrix interface energy ; (for Dy = 10~*
m? /s) are respectively of 0.26 J/m? and 3.10%7 #/m? s giving a standard

'A known typing error of reference [99] is corrected here.
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Figure 7.3. Microstructural model parameters optimization on the yield strength of
solution heat treated samples aged at 180°C: (a) optimization of the pre-exponential
term to the diffusion coefficient Dy; (b) optimization of the pre-exponential term to
the nucleation rate jo and the precipitate/matrix interface energy 7; for Dy equal to
10™* m?/s.

error of only a few % on the yield strength prediction for solution heat
treated samples aged at 180°C. The standard error is defined similarly
to a standard deviation but on the difference between the predicted and
measured value. The value of v; obtained by this optimization procedure
is a good compromize between a case were all the precipitates are co-
herent with the aluminum matrix (y; = 0.02 J/m?) and a case where all
precipitates are incoherent with the aluminum matrix (7; = 0.6 J/m?)
[50]. Indeed, we have to model, with a unique value of 7;, coherent 5"
precipitates and larger semi-coherent (3’ precipitates. Interestingly, Myhr
et al. [101] use the same value of 7; in their model. Their value of ;
has been calibrated based on a large amount of heat treatment data.
In a more evolved version of the model which distinguishes between 3"
and ' precipitation, Myhr et al. [99, 100] give a value of the precipi-
tate/matrix interface energy -; equal to 0.26 J/m? for 3" precipitates.
The value of jy proposed here is slightly higher than the different ones
proposed by Myhr et al. {98, 99, 100, 101|. Nevertheless, many physi-
cal parameters, in particular the initial concentration in vacancies, may
affect the nucleation rate.
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Figure 7.4. Predictions of the microstructure and yield strength model and compar-
ison to the experimental results for samples solution heat treated and aged at 180°C:
(a) magnesium concentration in solid solution Casy and volume fraction f,; (b) total
number of precipitates N total; (c) equivalent radius r and critical radius r; (d) yield
strength o, (NA = natural aging and HT = heat treatment).
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Figure 7.5. Predictions of the microstructure and yield strength model and compar-
ison to the experimental results for samples heat treated at 300°C and 350°C from
the T6 state: (a) magnesium concentration in solid solution Chsg; (b) volume fraction
fv; (c) equivalent radius r; (d) yield strength o,.

7.3 Model assessment

7.3.1 Application of the model to solution heat treated
samples

The predictions of the yield strength model for samples solution heat
treated and aged at 180°C are obviously very good since the parameters
Dy, jo and ~; have been calibrated from these data. Figure 7.4 shows
the predictions of the microstructural and yield strength model for these
samples. Note that the effect of natural aging before a heat treatment
at 180°C is not taken into account by the model which explains the low
quality of the predictions for short heat treatment times. The natural
aging model cannot be applied in this case since it applies to natural
aging after a heat treatment and not before.
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Figure 7.6. Hardness predictions for heat treated samples of base alloy number 2

The predictions of the yield strength model for samples heat treated
at 300°C and 350°C from the T6 state (see Figure 7.5) provide a con-
spicuous validation of the microstructural and yield strength model. The
model slightly underestimates the yield strength for long heat treatment
times. The dissolution of the precipitates is very rapid at such high heat
treatment temperatures. The fraction dissolved at 350°C is higher than
the fraction dissolved at 300°C.

A few modifications had to be done in order to apply the model to the
base alloy number 2. Firstly, the copper content of the alloy had to be
changed since it is lower in base alloy number 2. Secondly, the value of
Or had to be adapted in order to ensure an accurate prediction of the
base alloy yield strength. A value of Sr = 0.47 has been found. Finally,
equation (6.1) relating the hardness and the yield strength is not appli-
cable to an alloy in solid solution since it would drastically overestimate
the solid solution hardness. Hence, a new law for the hardness evolution
has been identified based on the two available data for base alloy number
2: the hardness and yield strength of base alloy number 2 at T6 state
and in solid solution (the solid solution yield strength being a result of
the model):

HV =21.3+0.28« R, (7.25)

The other parameters have been assumed constant. Figure 7.6 shows
that the application of the model to heat treatments on the base al-
loy number 2 give very satisfactory results. Nevertheless, the predicted
hardness decreases too rapidly for the 400°C heat treatments.
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7.3.2 Application of the model to welds and discussion
(a) Microstructure model applied to welds

The microstructure evolution model was applied to the two friction
stir welds for which the precipitates radius was measured by TEM anal-
ysis. The input thermal cycles are the ones measured by thermocouples
inserted in the workpiece during friction stir welding?. Note that some
thermocouples were missing on the retreating side of the welds and it
has been assumed that the temperature difference between both sides
was negligible at 14 mm and more from the weld centerline.

Figure 7.7 shows the variation of the microstructural parameters with
the position along a transverse section of the weld for two welds with
different advancing speeds. The radii predictions are quite good con-
sidering the large dispersion of the experimental measurements. The
hypothesis of a constant length for the equivalent radius calculation is
clearly a wide approximation (see Figure 6.8(a) for the base material)
but it still gives satisfactory results in the heat affected zone of these
friction stir welds.

On the outer region of the heat affected zone, due to the high kinet-
ics of dissolution the volume fraction drops very rapidly while the solid
solution concentration in magnesium increases. In the mean time, preci-
pitates coarsening takes place in the heat affected zone. Globally, in
these friction stir welds, total dissolution of the 3”-3' precipitates occurs
close to the weld center.

The hot weld (200 mm/min) presents a plateau of the volume frac-
tion f, and the solid solution concentration Cjs4 at about 15 mm from
the weld centerline. This corresponds to the sudden change between
growing precipitates and massive dissolution which are two antagonistic
effects on the evolution of the volume fraction and solid solution concen-
tration. The reason why this plateau is not observed in the cold weld
(1000 mm/min) is probably due to the lower precipitate radii reached in
that weld.

(b) Effect of the heating and cooling rate

Figure 7.8 compares the evolution of the equivalent radius with time
for the thermal cycles in the heat affected zone with the same maximum

2The predictions of the microstructure evolution in the weld center will be ad-
dressed in chapter 10 when bridging all the models.
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Figure 7.7. Results of the microstructure model for two friction stir welds with
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thermal cycle for respectively thermocouple 5 and 7; (b) consequent evolution of
the equivalent radius. The maximum temperature is reached at the time 0 s and is
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temperature comparing cold and hot welds. Figure 4.4 has already shown
that the heating and cooling rates of hot and cold welds are very different.
Figure 7.8(b) shows that this difference in heating and cooling rate has
a tremendous impact on the coarsening of the precipitates: coarsening
starts earlier and finishes later in the hot weld compared to the cold
weld.

(c) Parameters for the natural aging model

A natural aging model is needed to predict the yield strength in the
welds contrarily to the heat treated samples for which very little time
was left for natural aging between the heat treatment and the tensile
test. The natural aging model presented in the preceding section neces-
sitates the identification of two parameters Cj;,, and Kny4. Once Cip,
is identified, Ky 4 can simply be calculated by expression (7.23) and the
yield strength results of Table 6.3 (page 94).

The value of Cj;;,, was identified on the friction stir weld with welding
parameters 1000 mm/min and 1000 rpm. Figure 7.7(a) shows that at
about 10 mm from the weld centerline on the advancing side of the weld,
the solid solution concentration is of 0.39 wt %. The DSC results of
Figure 6.29 shows that at 10 mm from the centerline on the advancing
side of the weld no GP zones have precipitated in the friction stir weld.
The hardness of that weld at 10 mm from the weld centerline on the
advancing side of the weld is equal to about 70 HV1 which corresponds



146 Chapter 7

[ —a—Model ——Model + NA * Experiment] —=—Model ——Model + NA + Experiq‘tenll

250E L3 250f p I
— 200 — 200 (]
@ ] ©
o o
= =

150 150
o . o

3 -
100 100
00 o 0 10 20 050 o 0o 10 20
Transverse position (y) [mm] Transverse position (y) [mm]
(a) (b)

Figure 7.9. Results of the yield strength model for two friction stir welds with
welding parameters 1000 rpm and (a) 1000 mm/min; (b) 200 mm/min. (NA =
natural aging)

to the hardness at which natural aging starts to play an important role for
partially dissolved samples as shown previously in Figure 6.9(b). Hence,
we will consider that the precipitation of GP zones starts only at a very
high level of solid solution concentration of Cy;,, = 0.39 wt %.

(d) Yield strength and hardness predictions

Figure 7.9 shows the evolution of the predicted and measured yield
strength with the transverse position. The effect of natural aging is
to increase the yield strength in the weld center. Note that the effect
of natural aging is not tremendously marked in the zones of the welds
where thermocouple measurements were possible. The effect of natural
aging will be much clearer in the weld center when using the thermal
cycles predicted by the thermal model as input to the microstructure
evolution model (see Chapter 10). The yield strength predictions are of
remarkably good quality in both friction stir welds.

Figure 7.10 shows the variation of the predicted and measured hard-
ness with the transverse position. The hardness predictions are based
on the yield strength predicted after natural aging linking them by the
linear fit identified on the micro-tensile samples (equation (6.1)). Indeed,
expression (6.1) gives better predictions of the hardness variation with
the yield strength compared to expression (7.25) when long times are
left for natural aging.
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Figure 7.10. Predictions of the hardness HV1 based on the yield strength model for
two friction stir welds with welding parameters 1000 rpm and (a) 1000 mm/min; (b)
200 mm/min. The £5 HV1 error bar is due to the linear fit error relating the yield
strength and the hardness. (NA = natural aging)

The prediction of the hardness is a bit less satisfactory in the hot weld
than in the cold weld. Hardness slightly depends on the strain hardening
capacity which is not taken into account for in equation (6.1). It will
be shown in chapter 8 that the strain hardening capacities of hot and
cold welds in the HAZ are very different due to the marked influence of
the size of the 3/ precipitates on strain hardening mechanisms. Anyway,
hardness predictions are presented here only because they are practical
measurements in welding characterization but hardness is not essential
to the building of the complete modeling chain.

(e) Effect of a post-welding heat treatment

The model can be applied to post-welding heat treatments at 185°C
for 6 h by introducing as input the distribution of precipitates radii
predicted by the microstructure evolution model applied to the welds
thermal cycles. Figure 7.11 compares the results of the model with the
experimental measurements of the hardness after a post-welding heat
treatment for two friction stir welds obtained with different advancing
speeds. Very good agreement is found between the model and the ex-
periments. The effect of the change of advancing speed is also well re-
produced.

(f) Comparison with the results of the weld characterization

The comparison of the results of the weld characterization presented
in chapter 6 with the results of the microstructure and yield strength
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Figure 7.11. Predictions of the hardness HV1 after a post-welding heat treatment
at 185°C for 6 h for two friction stir welds with welding conditions 1000 rpm at
(a) 1000 mm/min and (b) 200 mm/min.

model lead to the following comments

The model captures the fact that a higher precipitate mean equiv-
alent radius is obtained in the heat affected zone of a hot weld, as
observed with TEM.

The lower yield strength in the heat affected zone, compared to
that in the weld center, observed in the hot weld and not in the
cold weld is predicted by the model (see Figure 7.9(b)).

The heat affected zone is wider in the hot weld than in the cold

weld. Hardness measurements showed the same trends (see Figure
6.20(c)).

The results of the modeling of the yield strength variation and the
volume fraction are shown together in Figure 7.12. These plots
show that the volume fraction drops simultaneously with the yield
strength (and the hardness) for the two welds. Hence, the precipi-
tates start dissolving at the beginning of the zone where the yield
strength start to drop. These results are in agreement with the
dissolution of 3" precipitates in the "HAZ, mid-level hardness” de-
termined by DSC. The post-welding heat treatments results also
confirm the presence of a supersaturation of the solid solution at
the beginning of the hardness drop zone. This explains the good
results of the model after a post-welding heat treatment in that
region of the weld (see Figure 7.11).
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Figure 7.12. Comparison of the predicted yield strength o, and the volume fraction
of precipitates f, for two friction stir welds with welding conditions 1000 rpm at
(a) 1000 mm/min and (b) 200 mm/min.

e Asisshown in Figure 7.13, the mean equivalent radius after a post-
welding heat treatment (PWHT) is lower in a cold weld than in a
hot weld. Note that this mean equivalent radius corresponds to two
populations of precipitates: the new ones created by the elements
in solid solution that have precipitated during the PWHT and the
precipitates already present before the PWHT that have grown
during the PWHT.

e The post-welding heat treatments seems to indicate that the volume
fraction of precipitates in the lowest hardness zone (i.e. the low-
est yield strength zone in the model) could be higher in the hot
weld than in the cold weld. This resulted of the observation of a
lower minimum hardness after PWHT in the hot weld than in the
cold weld. Figure 7.14 shows a comparison of the predicted hard-
ness after a post-welding heat treatment and the volume fraction of
precipitates before the post-welding heat treatment for two friction
stir welds. The lowest hardness region after a post-welding heat
treatment corresponds to a volume fraction equal to about 0.1%
in the cold weld and equal to about 0.4% in the hot weld (corre-
sponding to the mid-level plateau of the volume fraction f,). This
explains the tremendous difference in the minimum post-welding
heat treatment hardness between a hot and a cold weld.

7.4 Conclusions

A model for predicting the microstructure variation and the yield
strength and hardness variation for any thermal history and an initial
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precipitate size distribution (or eventually no size distribution if a solu-
tion heat treated sample is the start microstructure) has been presented,
identified and validated in this chapter. The predictions of the yield
strength and hardness evolutions of heat treated samples agree very well
with experimental results. Furthermore, the model allows predicting
the fine precipitates evolutions in friction stir welds before and after a
post-welding heat treatment. The observations of the weld characteriza-
tion presented in chapter 6 concerning the fine precipitation, the yield
strength and hardness evolution have been shown to be well reproduced
by the model. In particular, the model supports the conclusion made
based on the hardness measurements after a post-welding heat treat-
ment: the volume fraction of precipitates of the lowest hardness zone is
higher in a hot weld than in a cold weld.
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Chapter 8

Microstructure based strain
hardening modeling

The 6 and ( strain hardening parameters have already been intro-
duced in equation (3.5). Figure 8.1 recalls their definition. The first
part of this chapter present a novel strain hardening model that allows
to relate these parameters to the alloy microstructure. The second part
is applying this model to the friction stir welds for which the microstruc-
ture was modeled in chapter 7.

do,
de,

o.\'m - o_\- 0_:' _ 0_,-

Figure 8.1. Definition of the strain hardening parameters § and 8. oy is the flow
stress, oy is the true yield strength and os4: is the saturation stress.

153
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Figure 8.2. Schematic of the evolution of the yield strength o, and strain hardening
parameters 6 and § with time of heat treatment ¢ starting from a supersaturated
solid solution (NA = natural aging).

8.1 Position of the problem and limitations of
the classical KME model

8.1.1 Literature survey and confrontation with the exper-
imental results on the alloy 6005A

Using the parameters 6 and [ to describe strain hardening is classically
done in the scientific literature for aluminum alloys [15, 21, 37, 44]. For
example, Esmaeili et al. [37] have applied it to samples of AA6111 aged
at 180°C priorly solution heat treated. When the heat treatment time
is such that maximum yield strength is not yet obtained, € decreases
with heat treatment time. The value of § and § for massively over-aged
samples (6 months) are even lower than for the maximum yield strength
value. This is in agreement with our results already shown in Figure 6.11.
Massive over-aging causes the drop observed in Figure 6.12. Cheng et al.
[15] have also shown results for aluminum alloys AA6111 and AA7030
very similar to the ones shown in Figure 6.11. After a long time of aging,
£ tends to a maximum as shown in Figure 6.12.

The effects of precipitates on 6 and (§ can be summarized as fol-
lows based on our experimental results presented in Figure 6.11(e,f)
and 6.12(e,f) and on the short literature survey discussed before (see
schematics on Figure 8.2):

e The supersaturated solid solution samples have a high value of 6
while 3 is only slightly higher than its lowest level attained after
natural aging (NA).

e When the precipitates radius is close t0 7qns, 6 and 8 show a local
minimum.
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e When aging proceeds (over-aging), precipitates are by-passed leav-
ing Orowan loops around the precipitate. 6 and [ dramatically
increase and reach a maximum at a certain level.

e When the samples are tremendously over-aged, § and 3 drop.

8.1.2 Classical KME approach
(a) Pure materials

The 6 and S strain hardening parameters are defined with reference
to the Kocks-Mecking-Estrin (KME) model [41, 89] developed for pure
materials. This section aims at explaining the theoretical basis of this
model.

In a pure crystal, the shear flow stress 7 [Pal is related to the dislo-
cation density p [#/m?] through relation (8.1).

T =Ty +aGby/p (8.1)

were 7, [Pa) is the shear flow stress at the beginning of yielding and o is
a material dependent constant taken typically between 0.2 and 0.5. The
evolution of the dislocation density with the local plastic shear strain -,
depends on two mechanisms:

o _dp
dryp dryp

_

(8.2)
no A

S

where the subscripts h and s represent the storage hardening mechanisms
and the dynamic recovery which governs softening, respectively.

e First term. The storage term is assumed to be inversely propor-
tional to the average spacing between obstacles Ly [m]. For pure
metals where the only storage sites are dislocations, Lg is propor-

tional to 1/,/p.

e Second term. The contribution to the time derivative (dp/dt)
scales as p?. This could be justified by assuming that disloca-
tion annihilation is a pair process. Making also use of Orowan’s
equation (dvy,/dt) o p, we find that (dp/dvp|s) is linear in the
dislocation density p. The proportionality coefficient is then di-
rectly related to the critical annihilation distance below which two
dislocations of opposite sign will spontaneously annihilate.
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This leads to

dp
_r — kl 0, 8.3
B, VP (8.3)
dp
7 = kop. 8.4
. (8.4)
Hence,
dp
—:kl ,O—k‘Q,O. 8.5
= ke (8.5)

Combining equations (8.1) and (8.5) lead to

dry dry dp
_ Yy 9. 8.6
dvp dp dyp (86)
aGb
= ﬁ(/ﬂ\/ﬁ—kw% (8.7)
Gb
= Sk —ka/p); (8.8)
aGbk k
= — ! —g(ff—fy). (8.9)

For polycrystals, the local shear flow stress 7; and the plastic shear strain
vp are related respectively to the flow stress oy and the plastic strain g,
by the Taylor factor M (i.e. M = oy/7f = vp/ep). Hence equation 8.9
becomes: J
% = 00— Bolo — o). (8.10)
p
where 0y = aGbM?ky /2 and 3y = k2M /2 giving an expression of (do ¢ /dep)
similar to the one sketched in Figure 8.2 with 8 = Gy and 0 = 6y. 6y
and [y are the values of § and 6 for pure materials. After integration,
expression (8.10) gives the expression of the flow stress o during work
hardening;:
T By
This expression is called Voce law. Strictly speaking, the microscopic
derivative of Voce law is valid for pure metals and solid solutions only.
However, when such a linear description doy/de, = 0 — (o5 — 0y) is
possible for alloys, it is reasonable to consider # as resulting from dis-
location storage and 3 as controlled by dynamic recovery mechanisms.
This hypothesis keeps to a minimum the number of parameters fitting
the flow stress during work hardening but the question becomes then to
understand the influence of precipitation on 6 and (.

(1 — exp(—Poep)) + oy (8.11)
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(b) Effect of Orowan loops formation

In chapter 7, the formation of Orowan loops was already introduced
and shown to be at the origin of the decrease of the yield strength when
T > Tirans. When r < ry.qans, the precipitates are sheared by the dislo-
cations and therefore no extra storage of dislocations occurs during the
deformation of the material compared to a material without precipitates.
When 7 > r4qns, Orowan loops are stored around the precipitates. Es-
trin [42] and later Cheng et al. [15] and Poole et al. [108] take the storage
of Orowan loops into account by introducing a new term in the evolution
of the dislocation density with deformation (i.e. equations (8.5)). This
term is inversely proportional to the particles spacing in the glide plane
of the dislocations [ [m] (given by equation (7.15)):

dp

1
— =k — -k 8.12
&, 1P+ bl 20 ( )

Using equation (8.1), we find the expression of the work hardening
rate for r > ryrans-

dry _ dry dp (8.13)
dp dp dyp
aGhb

1
= 2—\/5 <k‘1\/ﬁ + a - ka) (8'14)

aGbky n a2G?b B @
2 2l(7’f — Ty) 2

(1p — 7y)- (8.15)

Using the Taylor factor M and the expressions of 6y and [y, one gets

doy a2G2b M3
— =40 _ — — . 1
d')’p 0 + 2l(0_f B O_y) /BO(O'f Jy) (8 6)

Hence, now the dislocation storage parameter 6 expresses as:

a*G?*bM3

= oy

(8.17)

For the sake of simplicity one can assume that the variation of (o — o)
between 0 and (g4t — 0y) (see Figure 8.1 for the definition of the satu-
ration stress ogq¢) is small, hence we will take a mean value of (o5 — oy)
to express the second term of equation (8.17): (0sqt — 0y)/2 = 0/(200).
Using this formalism, the assumption that the dislocation storage pa-
rameter 6 is independent of the flow stress is an approximation which
seems to be well validated by experimental results of tensile tests on
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Figure 8.3. Schematic of the evolution of the yield strength o, the dislocation
storage parameter # and the dynamic recovery rate 8 with time of heat treatment ¢
starting from a supersaturated solid solution. Predictions of the dislocation storage
parameter 6 and the dynamic recovery rate § for the classical KME approach.

aluminum alloys found in the literature [15, 21, 37, 44]. Using the ex-
pression of [ (equation (7.15)), we get the following implicit expression
for the dislocation storage parameter 6:

+ g, [3 (9) . (8.18)

0 b
G G 0 27 \r

0 b % b\ [3fo
- @W (36) +on(G)y5e o

(c) Limitations of the classical KME approach

Hence,

Figure 8.3 shows the evolution of the strain hardening parameters
predicted by this approach. By comparison with the experimental ob-
servation summarized in Figure 8.2, we see that the current approach is
insufficient. Indeed it does not capture:

e the decrease of the dynamic recovery rate 8 with increasing preci-
pitate size, as long as they are overcome by the shearing process;

e the increase of the dynamic recovery rate 3 with increasing precipi-
tate size, when the precipitates are bypassed by the Orowan mech-
anism;

e the final drop of the dynamic recovery rate § for massively over-
aged samples;

e the drop of the the dislocation storage parameter 6 parameter when
precipitates are sheared by the dislocations (i.e. 7 < rypans);
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e for only slightly over-aged materials (i.e. 7 > T4qns), the increase
of the dislocation storage parameter 6 is progressive at 7 = T4rqns-
Orowan loops storage is probably more complex when the precipi-
tates radius is slightly above the transition radius 74qns-

Some references in the literature model the dislocation storage rate
in aluminum alloys [15, 53, 103, 108]. Nevertheless, these models are
mainly phenomenological models: the parameters of these models are
hardly related to the precipitates/dislocation interaction mechanisms.
Furthermore, to the author’s knowledge, no clear explanation nor model
have been proposed for the effect of precipitation on dynamic recovery.

8.2 Enhanced physics based modeling of strain
hardening by dislocation-precipitation inter-
action

8.2.1 Stability of the Orowan loops around coherent preci-
pitates

The question of the stability of the Orowan loops is crucial to explain
why the sudden theoretical increase of the dislocation storage parameter
0 when r = 74455 (see Figure 8.3) is not observed experimentally. Indeed,
if the Orowan loops formed for r > r4.4,s are unstable (i.e. annihilate
themselves) then the dislocation storage parameter 6 (and eventually the
dynamic recovery rate ) will not be at it highest possible value for a
given precipitate radius.

A sharp transition between precipitates shearing and precipitates by-
passing (equation (7.14) and (7.16)) is somewhat simplistic when the
material deforms plastically beyond the yield point. The flow stress
increases due to work hardening. In practice, the precipitates with r
slightly greater than r.q,s will first be bypassed by the dislocation.
When plastic straining proceeds, the Orowan loop undergoing an in-
creasing stress due to the increasing pile up of other dislocation loops
and the increasing overall stress will end-up shearing the precipitate if it
is coherent with the matrix. Finally, the loop will annihilate itself.

Figure 8.4 sketches a precipitate of equivalent radius r being (a) sur-
rounded by a circular Orowan loop and (b) partially sheared by a cir-
cular Orowan loop, depending on the distance = of the loop to the cen-
ter of the precipitate. The variation of the free energy of the system
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Figure 8.4. Precipitate of equivalent radius 7 being (a) surrounded by a circular
Orowan loop or (b) sheared by a circular Orowan loop

(loop-+precipitate) dWj, for a variation dx of the position of the loop
is composed of three terms [7]:

dWler = dWarea+dWPK+dWchemical = 27TFd$—|—7'b(27T£1?)d$—Ea(27T.Cl?)d£1?

(8.20)
The first term, dWyeq = 27l'dz is the reduction of line energy, I" [J/m]|
being the line tension of dislocations and 2wdx the reduction in perimeter
due to the variation of the loop position. The second term dWpg =
7b(2mx)dx is the work of the Peach Kdhler force 76 [N/m| [145] needed to
shear a precipitate of perimeter 2wz (where 7 is the applied shear stress).
The third term dWepemicat = Fa(2mx)dz is the increase of the antiphase
boundary surface energy F, [J/m?| due to the chemical defect caused
by the shift of atoms due to the dislocation movement. By integrating
equation (8.20), we find the expression of the free energy as a function
of the position of the Orowan loop inside the precipitate [7]:

T dW,
/ R gy = Wigp(®) = Wigp(r) = 20T (2 — 1) — w(Ey — 7b).(2% — 1?)

dx
(8.21)
Equation (8.21) shows a maximum when 7 < 7¢ (see Figure 8.5) corre-
sponding to an energy barrier that prevents the loop to shear completely
the precipitate and collapse itself. When the critical value of 7 = 7¢ is
reached there is no more energy barrier and the loop disappears. 7¢ is
given by the following expression [7]:

o= % (E - g) . (8.22)

For a polycrystal, the expression of the critical flow stress is given by

o = % (Ea - g) . (8.23)
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Figure 8.5. Free energy of the system (loop + precipitate) as a function of the
position z of the loop (from [7]).

Figure 8.6 shows the effect of the radius of the precipitate on the
strain hardening capacity. If r < r.q4ns, the precipitates are sheared by
the dislocations. The constants K and K’ (see expression (7.19) and
preceding) depend on the mean obstacle force for precipitates shearing
and bypassing. If r > ry.qns, the precipitate is first bypassed and, then
when the applied shear stress reaches oy, + Aoy, it is sheared by the left
Orowan loops. The expression of Aoy is the following:

ME, B K'\/fy, + (M/b)T
b r

Aoy = (8.24)

If the precipitates are incoherent (i.e. high equivalent radius) the
Orowan loops can hardly enter the precipitate anymore due to the in-
coherent interface between the matrix and the precipitate. Hence, when
the equivalent radius associated to the loss of coherency (noted r) is
reached the Orowan loop will remain around the precipitate.

8.2.2 [Efficiency of dislocation storage

An efficiency factor ¢ for the storage of Orowan loops is introduced
in order to take into account the stability of the Orowan loops. The
factor ¢ is defined as the proportion of the Orowan loops that could
potentially be formed and will not finish annihilating themselves when
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Figure 8.6. Flow stress evolution with the radius including the effect of the Orowan
loop stability for coherent precipitates and definition of Ao y; ¢rans is the transition
radius for Orowan loops to be formed; r; is the radius at which the precipitates starts
to be incoherent with the aluminum matrix.

the flow stress increases. These are the efficiently stored loops. Two
extreme cases can be noticed (see Figure 8.6). These are

e When r = 74rqns, no Orowan loops will be stored since the Orowan
loops created will directly annihilate themselves after precipitate
shearing with no need for excess plastic deformation. Hence, for
T = Iyans We have ¢ = 0.

e When r = r, the radius of loss of coherency, all the Orowan loops
will be stored. Hence, for » = r, we have ¢ = 1.

Moreover, the efficiency of dislocation storage ¢ certainly increases with
increasing radius. Indeed, the stress Aoy increases with increasing radius
(see expression (8.24) and Figure 8.6) which means that a higher stress
needs to be attained by strain hardening before the Orowan loops can
annihilate themselves by shearing the precipitates. Hence, the storage of
Orowan loops becomes more efficient.

For the sake of simplicity, a linear variation will be assumed for ¢ as
a function of r (see Figure 8.7):

o if r < r4pgns then o = 0;
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Figure 8.7. Evolution of the efficiency of dislocation storage ¢ as a function of the
equivalent radius r.

o if ryans < 1T < 1y then
= L Ttrans (8.25)

o if r > 1y then ¢ = 1.

8.2.3 Dynamic precipitation

Precipitation from a supersaturated solid solution (i.e. Cpg > Ce)
requires atomic transport. Usually this transport occurs by diffusion of
chemical species. But, plastic deformation induces also atomic trans-
port, and creates point defects enhancing transport phenomena. This
suggests that deforming a supersaturated solid solution can sometimes
trigger precipitation, and that the relevant parameter becomes strain ac-
cumulation rather than the time. This phenomenon is called ”dynamic
precipitation”.

This dynamic precipitation induces an increase of flow stress while
deforming the material since 0y increases with increasing radius and
volume fraction of precipitates. These precipitates are small enough to
be sheared by the dislocations. This precipitation and the associated
increase in flow stress is expected to increase as the strain increases.
The apparent effect of dynamic precipitation on strain hardening will
therefore be an increase of the dislocation storage parameter 6§ by a
quantity called 6g4,. After Deschamps et al. [26], the contributions of
dislocation storage and of dynamic precipitation can be added linearly.
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We propose a linear relationship between the excess solute and 0g,,
ie.

(8.26)

0 =0y + Hdp where Hdp = k‘gdp <M)

Co—C.

where C, is the equilibrium concentration of solid solution at room
temperature given by expression (7.3), (Crg — Ce)/(Co — Ce) is there-
fore the relative remaining excess solute (Chrq is the concentration of
magnesium in solid solution and Cj is its maximum value). Note that
C. < Ciim, where Cy;y, is the limit concentration for the precipitation
of GP zones at room temperature. Deforming the material can be the
accelerating factor which helps precipitating the excess solid solution
(Clim - C.) that the driving force associated to natural aging is not suf-
ficient to achieve.

The value of kyg, is calculated from the values of the dislocation storage

parameter @ after a solution heat treatment 6ggy7 and the minimum value
of 0 = 0y:

kodp = OsuT — Bo. (8.27)

The experimental results of Table 6.3 (page 94) show that the disloca-
tion storage parameter 6 of a solution heat treated sample is unaffected
by natural aging. This is apparently in contradiction with the fact that
when natural aging has proceeded, the solid solution concentration de-
creases and hence the potential for dynamic precipitation. We suggest
here an explanation to this phenomenon. The dislocation storage param-
eter 0 is defined as the plastic slope (do/de) when the flow stress equals
the yield strength (of = 0y), i.e. for a very small plastic strain. This
could explain why the solid solution, that did not precipitate by natural
aging, will precipitate when supported by a small plastic strain (i.e. o
slightly above o), giving a value of the dislocation storage parameter ¢
similar to that of the supersaturated solid solution before natural aging.

8.2.4 Influence of precipitation on dislocation recovery

The increase of the dynamic recovery rate 8 when Orowan loops are
stored is not fully understood in the scientific literature [15]. This section
proposes a novel model that tends to explain and to quantify the drastic
increase of the dynamic recovery rate 0 when Orowan loops are stored.
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(a) Effect of the variation in yield strength and solid solution
concentration

As extensively discussed in the microstructure and yield strength
evolution models, the yield strength and the solid solution concentration
are affected when precipitates form. Both have an effect on the recovery
rate:

e The dynamic recovery rate § is proportional to the annihilation
distance between two dislocations of opposite sign y,. When the
interaction stress between two dislocations (Gb/y,) exceeds the
yield strength, the dislocations will annihilate one another. Hence,
if the yield strength increases, the dynamic recovery rate § should
decrease. Furthermore, if dynamic precipitation occurs, the yield
strength is increased during deformation leading to an additional
decrease of the dynamic recovery rate (. It is observed in Figure
6.11 that the dynamic recovery rate 3 tends to evolve opposite to
the yield strength evolution.

e Precipitation and dynamic precipitation causes a depletion of solid
solution which can ease the intrinsic mobility of dislocations (in-
creasing the dynamic recovery rate ) out of their plane by mod-
ifying the core properties of the dislocation (e.g. increasing the
stacking fault energy, which favors cross slip).

The solid solution effect (possibility of dynamic precipitation and mod-
ification of the root properties of the dislocation) is difficult to quantify
due to its coupling with the yield strength evolution. Indeed, when the
solid solution concentration decreases, the yield strength increases (it is
an indirect effect related to the precipitation) leading to a potential de-
crease of the dynamic recovery rate 3, but, the decrease in solid solution
concentration reduces dynamic precipitation leading thus to a potential
increase of the dynamic recovery rate 3. This effect will not be modeled
here at this level of complexity.

The dynamic recovery rate 3 is assumed to be inversely proportional
to the yield strength o,. The reference is the minimum value (3, for
which the maximum yield strength o;"*" is reached. The expression of
the dynamic recovery rate § writes

1 1 oMaT _ 5
B _B‘kﬁ( e y) (529
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Figure 8.8. Effect of the presence of a precipitate surrounded by an Orowan disloca-
tion loop on the annihilation distance between two moving dislocations (ya); traveling
time associated to the mean spacing between two opposite dislocations ¢4 [s]; 1/tpreci
[s7'] is the frequency of precipitates distribution.

where kg is an adimensional constant which can be evaluated by knowing
the value of the dynamic recovery rate 3 for a solution heat treated

sample 5@’}?T having a yield strength equal to aé@i}{T:

6 (5~ 5 )

— SHT
ks = P (8.29)

(b) Effect of Orowan loops formation on the dislocation recov-
ery rate

Physics of the problem. Figure 8.8 explains the physics of the model.
Two cases are possible:

e Case A. The mean spacing between two opposite dislocations and
associated traveling time ¢4 [s] is such that they annihilate before
encountering a precipitate with an Orowan loop surrounding it. In
this case, the annihilation distance with another mobile disloca-
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tion y,' is equal to 1o which is the annihilation distance when no
dislocations are stored around precipitates in the form of Orowan
loops. In that case, the dynamic recovery rate (3 is equal to By the
value of the dynamic recovery rate 8 when no Orowan loops are
stored.

e Case B ("The dislocation lift"”). At least one precipitate is met
during the time t; and that precipitate has an Orowan loop sur-
rounding it. In that case, the dislocation will partially and locally
annihilate with the Orowan loop favoring the change of the dislo-
cation plane. Consequently, the dislocation glide is ”de-localized”
and the effective annihilation distance with another mobile dislo-
cation y, will be larger. The apparent recovery rate 3 will increase
to Bpreci- If the dynamic recovery rate 3 can be interpreted via the
critical annihilation distance ypyrec; at the precipitate/matrix inter-
face, Bpreci = 2Ypreci/b [24] and is then expected to be independent
of the radius.

Expression of the dynamic recovery rate 5. Case A and B can
be both present when deforming an alloy containing precipitates around
which Orowan loops are stored. Let p(0) be the probability to have zero
precipitates between two dislocations that would potentially annihilate
one another. The value of y, then writes

Ya = yop(o) + ypreci(l - p(O)), (830)

or equivalently, if Bprec; can be interpreted via the critical annihilation
distance Ypreci:

ﬂ = 5017(0) + ﬂpreci(l - p(O)) (831)
Estimation of p(0). If we note that
ta = Lo/vr, (8.32)

where Lo [m] is the mean distance between two mobile dislocations of
opposite sign and v, [m/s] is the relative velocity of two moving dislo-
cations, and

tpreci = /vy, (8.33)

where [ [m] is given by expression (7.15) and is the precipitates spacing
in the glide plane of the dislocations. The mean number v of precipitates

!Distance under which two dislocations undergo a force field such that they anni-
hilate.
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encountered before two moving dislocations meet is

vV = td/tp'r‘eci' (8.34)

Hence the mean number v, of precipitates having an Orowan loop effi-
ciently stored around it encountered before two moving dislocations meet
is

vy = v, (8.35)

where ¢ is the efficiency of dislocation storage (i.e. the probability of an
Orowan loop to survive the deformation process). Consequently we get
the following expression for v:

tg Lo |3 fuLloy
Vo= =T =\, (8.36)

preci

Using a Poisson probability distribution, we can calculate p(m) as the
mean probability to meet m precipitates having an Orowan loop sur-
rounding it during the time t; knowing the mean number v, of precipi-
tates having an Orowan loop efficiently stored around it and encountered
before two moving dislocations meet:

p(m) = %‘Z:e:vp(—u@). (8.37)

Hence, the probability p(0) to meet no precipitate having an Orowan loop
surrounding it during the time ¢4 is given by (using expression (7.15) to

calculate [):
p(0) = exp(—vy) = exp (—g@) : (8.38)

8.3 Extended KME model

8.3.1 Formulation

Formulation of the dislocation storage parameter . The extra
term proposed by Estrin (expression (8.12)) is now multiplied by the
efficiency of dislocations storage ¢ in order to take into account the
stability of the Orowan loops.

o _

'
=k = — kap. 8.39
. 1P+ bl 20 ( )

Expression (8.18) can be modified by
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e taking the efficiency of dislocations storage ¢ (equation (8.26)) into
account i.e. by multiplying the term in (1/r) by ¢;

e taking dynamic precipitation into account, i.e. by adding 64, to
the expression of the dislocation storage parameter 0;

e and, evaluating the mean plastic stress by 6/(20).

Hence, the hardening rate writes

_ 2aon® (2 (%
0 = 0o + Oy + 02 GHM <9><bz>' (8.40)
The dislocation storage rate is then given by
— = GM°p=— - 8.41
G- "G UV \v) (8.41)
Hence,
0 0o + de 0o 9 3fv
— -2 9% — M3 . 42
¢~ e T\\ag) T on (8.42)
with g, given by
Chrg — Ce
O =k 9 ¢ A4
dp 0dp< Co_C. >, (8.43)

and ¢ given by the expression plotted in Figure 8.7
o if r < rypans then o = 0;

T—T¢ .
o if rypans <1 <71 then p = —lrans ET—

o if r > 1y then ¢ = 1.

Formulation of the dynamic recovery rate 3. The dynamic re-
covery rate is obtained by combining expressions (8.31) and (8.38):

ﬁ _ ﬁoel‘p (_\/g\/f—z;a[@@) + 2ypgeci < — exp ( \/7\/ELO§0>>

with By given by expression (8.28) and corresponding to the dynamlc
recovery rate  when no Orowan loops are stored

1 _i:kﬁagmx—ay
ﬂmin ﬁO G
and ¢ given by the expression plotted in Figure 8.7

(8.45)
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o if r < rypans then o = 0;

o if Ttrans < T < T¢l then p= m;

Tel—Ttrans

o if r > ry then ¢ = 1.

8.3.2 Qualitative consequences

Figure 8.9 shows the differences between the classical KME model
and the extended version proposed here, showing the effect of each indi-
vidual contribution.

Under-aged conditions (r < 7rans). When a material is in an under-
aged state, no Orowan loops are stored (i.e. ¢ = 0) since the dislocations
are in a regime of precipitates shearing; the dislocation storage parame-
ter 6 is artificially increased due to dynamic precipitation; the dynamic
recovery rate [ varies proportionally to the inverse of the yield strength.

Over-aged conditions (r > ryans). When a material is in an over-
aged state, Orowan loops are stored (i.e. ¢ > 0). The efficiency of
Orowan loops storage gradually increases with precipitate radius causing
a smoother transition in the dislocation storage parameter 6 from its
lowest value (6p) to its maximum when the radius reaches the precipitate
radius of loss of coherency r.. The evolution of the dynamic recovery
rate 3 is similar due to the ”dislocation lift” effect caused by the presence
of Orowan loops on part of the precipitates.

8.3.3 Model parameters

Table 8.1 gives the values of the model parameters. This section dis-
cusses the identification procedure.

(a) Identified parameters

0g. The dislocation storage parameter 6 is only slightly different from
its value in pure aluminum when all the alloying elements have precip-
itated in the form of coherent precipitates that are sheared by disloca-
tions. Experiments found in the literature [37] confirm this. The value
of 600 MPa used here (minimum in Figure 6.11) is only slightly lower
than the theoretical value of the dislocation storage parameter for pure
aluminum G/30-G/20 (900 — 1350 MPa) [4] but the order of magnitude
is similar.
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Figure 8.9. Schematic variation of the effect of the different changes in the ex-
tended KME model (c,f) with respect the classical KME model (a,d). Dislocation
storage parameter 0: the extended KME model introduces the effect of dynamic
precipitation (b) which increases the apparent dislocation storage parameter § when
the solid solution concentration exceeds the equilibrium concentration; the extended
KME model also introduces the effect of the instability of Orowan loops (c) to reduce
the dislocation storage rate for precipitate radii slightly larger than the transition
radius 7rans. Dynamic recovery rate (: the extended KME model introduces
the effect of the yield strength on the annihilation distance and hence on dynamic
recovery (e); the extended KME model also introduces the ”dislocation lift” effect if
Orowan loops are efficiently stored around precipitates (f).
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Param. | Significance Value Origin
o 0 if no dynamic 6 minimum of
precipitation and no Orowan 600 MPa | Figure 6.11(e)
loops
Bmin [ when oy is 7.5 [ minimum of
minimum Figure 6.11(f)
koap Constant for the dynamic 1270 MPa | eq. 8.27
precipitation effect on 6 Table 6.3 (pg 94)
kg Constant linking the yield 9.3 eq. 8.29
strength to 8 Table 6.3, pg 94
Tel Radius of loss of coherency 25 nm r of 0 and 3
transition
Lo Distance between two moving 100 nm eq. 8.46 and
dislocations of opposite sign a, Oo and Bmin
«@ Constant linking the dislocation Optimized on
density to the shear stress 0.21 0 of HT for
T > Ttrans
Ypreci Annihilation distance when at Optimized on
least one precipitate is between 22 nm G of HT for
two dislocations of opposite sign T > Tirans

Table 8.1. Summary of the parameters for the strain hardening model (HT = heat
treated samples)

) 45 7
3000+ |
40+ °o$‘
@
2500/ 35/ 1
30/ |
— 2000+ .
& Y 25! | |
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= 1500f | 2 1 20! | | - |
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500t ! 4 350°C from T6 | 5! 4+ 350°C from T8 |
i -4-180°C from ss - 4-180°C from ss
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Figure 8.10. Evolution of the experimental strain hardening parameters with the
modeled equivalent radius r for heat treated samples: (a) the dislocation storage
parameter 6 and (b) the dynamic recovery rate 3 (SS = supersaturated solid solution).
The vertical lines indicate the position of the two transition radius r¢rqns and ro. The
value for r.; is identified based on these experimental results.
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r¢. This radius is identified from the tensile tests on heat treated
specimens of base alloy number 1. Figure 8.10 shows that both the
dislocation storage parameter # and the dynamic recovery rate 3 reach a
maximum for an equivalent radius r, =~ 25 nm. This value of the radius
at which the precipitate looses its coherency with the matrix, is within
the expected range.

Lg. The mean characteristic distance between two dislocations of op-

posite sign can be estimated from the dislocation density (Lo = 1/,/p)
when only mobile dislocations are present and no dynamic precipitation
artificially changes the dislocation storage parameter 6§ and the dynamic
recovery rate 3. The dislocation density changes when deformation pro-
ceeds but, for the sake of simplicity, a mean value will be assumed.
The dislocation density can be estimated by the increase of the plastic
flow stress due to strain hardening as given by expression (8.1). The
plastic flow stress varies between 0 and (05, — 0y) giving a mean value
of ((0sat — 0y)/2). The values of the dislocation storage parameter ¢
and the dynamic recovery rate 8 required to calculate (ogqt — oy) are
the values when no Orowan loops are stored and no apparent effect of
dynamic precipitation changes the dislocation storage parameter ¢ and
the dynamic recovery rate (3, i.e. 8y and Gpn-

Lo = aGbM Zmin. (8.46)
to

This gives a value of Ly of the order of magnitude of 100 nm for the
classical range of a parameter (i.e. 0.2 - 0.5).

(b) Fitted parameter o and Yprcci

The value of a was identified on the experimental values of the disloca-
tion storage parameter 6 for heat treated samples (see figure 6.11(e) and
6.12(e)) using the microstructure evolution model in order to estimate
r, Cpg and f,, and the experimental values of the dynamic recovery rate
B. A value a equal to 0.21 gives a minimum error on the predictions of
the dislocation storage parameter 6, equal to 16% for the heat treated
samples. This value of « is in an acceptable range (0.2 - 0.5).

The value of y,,e; Was identified on the experimental values of the
dynamic recovery rate 3 for heat treated samples (see figure 6.11(f) and
6.12(f)) using the microstructure evolution model in order to estimate
r, Cug and f,. A value ypree; equal to 22 nm gives a minimum error
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on the predictions of the dynamic recovery rate 3, equal to 14% for the
heat treated samples. This value of Yy e.; Seems reasonable since:

® Ypreci is much higher than the critical distance for dislocation anni-
hilation when no Orowan loops are present (yo & Gminb/2 = 1 nm
[24]) which confirms the importance of the effect of precipitation
on the recovery mechanism.

® Ypreci 1s in the range of the [’ precipitates length that can be
reached when over-aging occurs, i.e. the dislocations have the ca-
pacity to de-localize a distance of the order of the precipitates
length.

8.3.4 Modeling of isothermal heat treatments

Under-aged conditions. Figure 8.11 shows the evolution of the dis-
location storage parameter 6 and the dynamic recovery rate 3 for under-
aged conditions (r < Tyrqns). The predictions of the dynamic recovery
rate B have been obtained using the experimental values of the yield
strength o, since no model for the predictions of the yield strength of
samples naturally aged prior to artificial aging is available. The pre-
dictions of the dislocation storage parameter 6 use the results of the
microstructure evolution model presented in Figure 7.4. The predic-
tions of the dislocation storage parameter 6 are of good quality. Hence,
this confirms that the effect of dynamic precipitation on the dislocation
storage rate can be very simply taken into account through a linear re-
lationship with the excess solute concentration. The predictions for the
dynamic recovery rate 3 are slightly less satisfactory but the tendencies
are well reproduced confirming the influence of the yield strength on the
dynamic recovery rate. It has already been mentioned that the effect
of the solid solution content is not yet clear and could influence the dy-
namic recovery rate. Indeed, the solid solution concentration is higher in
a partially naturally aged sample (time = 0) than in a peak aged sample
(time = 10 h) which could explain the approximative predictions.

Over-aged conditions. Figure 8.12 shows the evolution of the dislo-
cation storage parameter 6 and the dynamic recovery rate (3 for over-aged
conditions (7 > 7rans). The predictions for both the dislocation storage
parameter 6 and the dynamic recovery rate (3 are based on the results
of the microstructure evolution model presented in Figure 7.4. The pre-
dictions are of relatively good quality. The slower increase with time
of the dislocation storage parameter 6 compared to the classical KME
approach is correctly reproduced by the introduction of the efficiency of
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Figure 8.11. Assessment of the model predicting (a) the dislocation storage param-
eter 6 and (b) the dynamic recovery rate 8 for samples heat treated at 180°C from
a naturally aged state (2 weeks after solution heat treatment) for under-aged condi-
tions. The predictions for the dynamic recovery rate 3 are based on the experimental
measurements of the yield strength oy.
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Figure 8.12. Assessment of the model predicting (a) the dislocation storage param-
eter 6 and (b) the dynamic recovery rate 3 for samples heat treated at 180°C from a
naturally aged state (2 weeks after solution heat treatment) for over-aged conditions.
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Figure 8.13. Assessment of the model predicting (a) the dislocation storage param-
eter # and (b) the dynamic recovery rate 3 for samples heat treated at 300°C and
350°C from a T6 state.

dislocation storage reflecting the instability of Orowan loops around co-
herent precipitates. The experimental increase of the dynamic recovery
rate 3 is greater than By (8 with only the term inversely proportional to
the yield strength) and this is well reproduced by the model proposed
here.

Massive over-aging. Figure 8.13 shows the evolution of the disloca-
tion storage parameter f and the dynamic recovery rate 8 for over-aged
conditions with r evolving very rapidly since the heat treatment tempera-
ture is much higher (300°C and 350°C). The predictions for both the
dislocation storage parameter 6 and the dynamic recovery rate (3 are
based on the results of the microstructure evolution model presented in
Figure 7.5 in order to estimate the mean equivalent radius of the precipi-
tates 7, the solid solution concentration Cys4 and the precipitates volume
fraction f,. The conspicuous agreement between predictions and exper-
imental results show that the strain hardening model correctly treats
massive over-aging and in particular the drop of both strain hardening
parameters when large precipitates no more coherent with the aluminum
matrix (i.e. r > ry) are observed. Note that contrarily to the results
of Figure 8.12, the predictions of the dislocation storage parameter 6 in
Figure 8.13(a) couple the stability of Orowan loops effect and the dy-
namic precipitation effect since, at these heat treatment temperatures,
partial dissolution and coarsening occur simultaneously.
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8.4 Application to the predictions of the flow
properties

8.4.1 Considere criterion

The ultimate tensile strength R, [M Pa] and the strain at necking
€y can be simply deduced from the predictions of the dislocation storage
parameter 6 and the dynamic recovery rate §. Indeed, using relationship
(8.10) (which provides the plastic slope during deformation) and the
Considere’s necking condition (which states that, at necking, the plastic
slope is equal to the flow stress) leads to

? =o0r=0—P(of —oy). (8.47)

€p

The true stress at necking o, is then simply related to the yield strength

oy, the dislocation storage parameter ¢ and the dynamic recovery rate
0 by the following relationship

0+ Boy

=T (8.48)

Using the Voce law (equation (8.11) with 5 and € replacing respectively
Bo and 6y) and the above expression of the true stress at necking o,
(equation (8.48)), the strain at necking ¢, is found to be:

cu = %ln <1 _ g (0 — ay)> . (8.49)

The ultimate tensile strength is given by: R,, = oyexp(—e,) and can
then be calculated from expression (8.48) and (8.49) as a function of the
dislocation storage parameter # and the dynamic recovery rate (.

8.4.2 Comparison between experiments and predictions

The predictions of the ultimate tensile strength R,,, and the strain at
necking €, are shown in Figure 8.14 for the heat treated samples. As
for the predictions of the dynamic recovery rate (3, the predictions of &,
and R,, for the under-aged conditions use the experimental results for
the yield strength o.

Under-aged conditions. The predictions of the true strain at the
onset of necking ¢, and the ultimate tensile strength R,, give the right
tendencies for under-aged samples (see Figure 8.14(a,b)) but since the
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Figure 8.14. Assessment of the model for the predictions of (a,c,e) the true strain at
the onset of necking €,, and (b,d,f) the ultimate tensile strength R,,. (a,b) Under-aged
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model makes use of the experimental values of the yield strength oy; (c,d) over-aged
conditions for samples heat treated at 180°C from naturally aged state (2 weeks);
(e,f) samples heat treated at 300°C and 350°C from T6 state.
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dynamic recovery rate 3 is not perfectly predicted as shown in Figure
8.11(b) the predictions of R, and &, cannot be perfect either. The true
strain at the onset of necking ¢, seems to be much more affected by these
inaccuracies than the ultimate tensile strength R,,,. The main conclusion
relative to the physical effects affecting the evolution of ¢, and R,, for
under-aged conditions when aging proceeds are the followings.

e The yield strength increase with aging time affects ¢, and R,,
directly and indirectly (trough the dynamic recovery rate decrease
with increasing yield strength).

e The solid solution concentration decreases with aging time de-
creases the potentiality for dynamic precipitation. Hence, the ap-
parent dislocation storage rate decreases and the dynamic recovery
rate is certainly affected but this effect is not included in the model.

Over-aged and massively over-aged conditions. The predictions
of R, for over-aged samples (see Figure 8.14(c,d,e,f)) are of the same
quality as the predictions of the yield strength o, given in Figure 7.4(c)
and Figure 7.5(c) which confirms the validity of the strain hardening
model especially for over-aged conditions. In general, the strain at neck-
ing is slightly overestimated. The main conclusion relative to the physi-
cal effects affecting the evolution of €, and R,, for over-aged conditions
when aging proceeds are the followings.

e The yield strength decrease with aging time affects ¢, and R,,
directly and indirectly (trough the dynamic recovery rate increases
with decreasing yield strength).

e Orowan loops are stored with an increasing efficiency when the
aging time increases (greater radii). Hence, ¢, and R,, are affected
by the increase of the dislocation storage parameter 6 and the
decrease of the dynamic recovery rate .

e The loss of coherency between the precipitates and the matrix and
the ensuing perfect storage of Orowan loops cause an increase of €,
but do not seem to affect very much the ultimate tensile strength
R,.

e For partially dissolved samples (over-aging at 300°C and 350°C
from T6 state, Figure 8.14(e,f)), the evolution of solid solution
concentration (see Figure 7.5(a)) affects the potential for dynamic
precipitation.
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8.5 Application to welds: local work hardening

8.5.1 General framework

The prediction of the strain hardening behavior of the different re-
gions of a weld is fundamental for the understanding of the global be-
havior of friction stir welds. Indeed, the high level of the ultimate ten-
sile strength observed in the center of the weld compared to the heat
affected zone (HAZ) tremendously affects the global behavior and the
plastic localization when submitting a welded sample to transverse load-
ing. This has provided the impetus for the development of a model
capable of taking the microstructural evolution predicted in chapter 7
into account. This has been done with success in the previous sections
for homogeneous heat treated samples and will now be applied to friction
stir welds.

8.5.2 Prediction of local work hardening

Figure 8.15(a,b) shows the evolution of the predicted strain harde-
ning parameters compared to the measured ones (from Figure 6.23(e,f))
for a friction stir weld using the model presented in this chapter and the
microstructure parameters predicted by the model developed in chap-
ter 7 reproduced in Figure 8.15(c). Modeling of the weld center is not
possible at this stage, due to the unknown experimental temperature his-
tory (no thermocouples can be placed in that region of the weld). The
experimental trends are quite well reproduced by the model.

Looking at the dislocation storage parameter 6 the trends can be ex-
plained as follows (see Figure 8.15(a,c)):

e The lowest level of the dislocation storage parameter 6 is obtained
in the base material, which is in a T6 state. This is consistent with
the results of heat treated samples for which it was shown that if
the solid solution concentration is low and no Orowan loops are
stored (the case in a T6 state aluminum alloy where r = 74.4n5)
then the dislocation storage parameter 6 is equal to its minimum
value 6.

e When moving toward the heat affected zone (HAZ), the mean
precipitates radius drastically increases as well as the solid solu-
tion content. Hence, some Orowan loops start being stored with
an increasing efficiency and dynamic precipitation is made possi-
ble. Those two effects add up to increase the level of the dislocation
storage parameter 6.
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e When moving towards the weld center, the dislocation storage pa-
rameter 6 decreases but in a relatively limited extent. In that re-
gion, all the elements are in solid solution (at least, that is what is
predicted by the microstructure evolution model). So, even though
no Orowan loops are stored, dynamic precipitation is maximum,
leading to a high value of the dislocation storage parameter 6.
Note that the presence of 3(MgySi) precipitates in the weld cen-
ter might affect the value of the dislocation storage parameter 6
in that region. Nevertheless, it has been shown that the value of
the dislocation storage parameter 6 drastically drops for large inco-
herent precipitates giving only a limited contribution of 5(MgySi)
precipitates to the dislocation storage parameter 6 in the weld cen-
ter. Hence, the main effect would probably be to reduce dynamic
precipitation due to a poorer solid solution. On that basis, the ad-
vancing side is probably the side of the weld with the larger content
of #(MgsSi) precipitates (hence having the lowest remaining solid
solution concentration). This confirms again the need for better
understanding the precipitation of 5(MgySi) in the weld center.

Looking at the dynamic recovery rate ( the trends can be explained
as follows (see Figure 8.15(b,c)):

e The lowest level of the dynamic recovery rate 3 is obtained in the
base material, which is in a T6 state. This is due to the the fact
that the yield strength is maximum in that state and no Orowan
loops are stored around precipitates, so no ”“dislocation lift” effect
is present.

e When moving towards the heat affected zone (HAZ) the mean
precipitate radius drastically increases causing the storage of Orowan
loops with a relatively high efficiency. The consequence is a dras-
tic increase of the dynamic recovery rate 3 due to the ”dislocation
lift” effect. The decrease of the yield strength favors even more the
increase of the dynamic recovery rate 3.

e When moving towards the weld center, the dynamic recovery rate
0 decreases drastically. In that region, the mean precipitate radius
is lower than the transition radius 74qns and hence no “dislocation
lift” effect can occur. The level of the dynamic recovery rate (3 in
that region is still slightly higher than in the base material due to
the low yield strength level in that region of the weld.
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Figure 8.16. Prediction of (a) the strain at necking e, and (b) the ultimate tensile
strength R,, for a friction stir welds with welding parameters 200 mm/min and 1000
rpm.

8.5.3 Prediction of local ductility

Figure 8.16(a) shows the evolution of the strain at necking e, for a
friction stir weld comparing predicted and experimental results. We
must remember here that premature necking occurred due to machining
imprecisions. This effect was corrected in chapter 6 by enlarging the
error bars up to values satisfying Considere’s criterion. Consequently,
the fact that the predictions of €, are generally in the upper limit of these
error bars is justified. The variation of ¢, is relatively well captured, in
particular the increase in true strain at the onset of necking in the weld
center. It has been shown in Figure 8.14(a) that under-aged conditions
(which is the case in the weld center) give values of €, higher than over-
aged conditions (the case in the heat affected zone) and that peak aged
conditions (the base material) lead to a similar level of &, than over-aged
conditions (the case in the heat affected zone).

Figure 8.16(b) shows the evolution of the ultimate tensile strength R,
for a friction stir weld comparing predicted and experimental results.
The trends are correctly reproduced, and, in particular, the measured
increase in ultimate tensile strength in the weld center compared to the
heat affected zone (HAZ). This effect can now be clearly understood and
attributed to the high level of apparent dislocation storage rate 6 due
to dynamic precipitation and to the relatively low level of the dynamic
recovery rate ( in the weld center (in particular due to natural aging).
The heat affected zone has a much lower level of ultimate tensile strength
R, due to a similar (only slightly higher) level of dislocation storage
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parameter § compared to the weld center but, contrarily to the weld
center, a much higher level of dynamic recovery due to the ”dislocation
lift” effect which keeps the flow stress low during deformation.

8.5.4 Comparison between two welding conditions

Figure 8.17 shows the evolution of the dislocation storage parameter
0 and the dynamic recovery rate S and the ultimate tensile strength
comparing a cold (1000 mm/min) and a hot (200 mm/min) weld. The
general effect of welding parameters are well reproduced by the strain
hardening model. The values of the dislocation storage parameter 6
and the dynamic recovery rate § are slightly underestimated in the heat
affected zone (HAZ) of the coldest weld (see Figure 8.17(a)) due to the
underestimation of the mean precipitate radius by the microstructure
evolution model (see Figure 7.7(e)). The hottest weld did not present this
underestimation of the mean precipitate radius and hence the prediction
of the strain hardening parameters are much better, see Figure 8.17(b).

The difference in strain hardening variations between the cold weld
compared to the hot weld heat affected zones (HAZ) is due to the tremen-
dous difference in the variation of the mean precipitate radius for similar
volume fractions of precipitates (see Figure 7.7(c-f)). The rate of dis-
location storage parameter 6 is very similar in hot and cold welds heat
affected zones but still a small increase is observed in hot welds which
have a greater particle radius in the HAZ. This increase of the mean
precipitate radius for hot welds HAZ causes a larger increase of the dy-
namic recovery rate 5. Hence, the heat affected zone of a hot weld has
a lower ultimate tensile strength R,,. This effect is slightly exaggerated
by the model due to the underestimation of the mean precipitate radius
in the cold weld. This conclusion will certainly have a major impact on
the predictions of the global tensile behavior of friction stir welds since
deformation localizes in the heat affected zone of friction stir welds.

8.6 Conclusions

An extension of the classical KME model for predicting the strain
hardening capacity of aluminum alloys (in particular the 6005A) has been
proposed. The different experimentally observed effects have first been
analyzed and then modeled using simple analytical expressions based on
the physics of dislocation and precipitate/dislocation interactions. The
following effects have been found to significantly affect the evolution of
the strain hardening parameters:
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e the instability of the Orowan loops for precipitates coherent with
the matrix;

e dynamic precipitation;

e the effect of precipitation on dynamic recovery (”dislocation lift”
effect and yield strength effect).

The « constant and the annihilation distance for two moving disloca-
tions near precipitates had to be identified based on results obtained on
heat treated tensile samples. The predictions have been compared to
the resulting strain hardening properties of heat treated tensile samples
and micro-tensile samples extracted from friction stir welds for which
the microstructure model has been applied in chapter 7. Good agree-
ment was found between predictions and the quite comprehensive set of
experimental results.
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ABSTRACT

The previous parts of this thesis have allowed understanding
the influence of the thermal cycles on the microstructure, and
how these microstructural evolutions affect the tensile proper-
ties of the various zones of a friction stir weld. The aim of this
part of the thesis is to understand how the local tensile proper-
ties affect the global behavior of a friction stir weld, including
damage, when subjected to transverse tensile testing. Chap-
ter 10 aims at assembling all the models in chain in order to
predict the transverse tensile properties of friction stir welds
from the welding parameters. Hence, this model chain offers a
process optimization tool and could be inserted in a model of
the structure assessment for industrial applications.

The model of a transverse tensile sample uses the local tensile
properties as input tensile properties of the finite element code.
Chapter 9 uses as local tensile properties those measured in the
various zones of a friction stir weld, while chapter 10 uses the
predicted tensile properties as a function of the position along
the transverse section of the welds. The micro-mechanically
based damage model presented in chapter 9 is completely pre-
dictive considering that the volume fraction and shape of the
coarse a phases of the base material are known and that these
phases are unaffected by the welding process (see chapter 6).

The tensile strength of the welds increases with increasing
advancing speed mainly due to the higher strength of the heat
affected zone of a weld when the advancing speed increases.
The elongation tends to decrease when the advancing speed
increases mainly due to the decrease of the width of the heat
affected zone when the advancing speed increases. Neverthe-
less, a maximum of the elongation can be observed for medium
advancing speeds (500 mm /min and 750 rpm).

The slower deformation localization in a high advancing speed
weld compared to a low advancing speed weld can be linked
to the difference in strength between the heat affected zone
and the weld center. Indeed, it has been shown in part III
of this thesis that the strength mismatch between these zones
decreases with increasing advancing speed.
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No clear effect of the welding conditions has been found on
the true fracture strain. This can be explained by the compen-
sation of two antagonistic effects:

¢ When the advancing speed increases, as mentioned above,
the strength mismatch between the weld center and the
heat affected zone decreases and hence the maximum stress
triaxiality decreases, increasing the true fracture strain.

e When the advancing speed increases, the width of the heat
affected zone decreases and hence the maximum stress
triaxiality increases, decreasing the true fracture strain.

The fracture of a transverse tensile sample occurs on the re-
treating side of the weld even if the difference between the
advancing side and the retreating side is less marked early in
the deformation process for low advancing speed welds. The
measured minimum local yield strength is always found on the
retreating side of the weld in the heat affected zone. Assem-
bling the models helped understand why the retreating side is
the weakest side of a weld. Indeed, the retreating side of the
weld presents a higher precipitate radius and lower solid solu-
tion concentration (out of favor of natural aging) compared to
the advancing side of the weld. Nevertheless, the volume frac-
tion of precipitates is predicted to be higher on the advancing
side of the weld than on the retreating side of the weld. Assem-
bling the models still gives correct predictions of the fracture
location for low advancing speed welds.
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(Global mechanical properties
of the welds

In this chapter, the transverse tensile properties of friction stir welds
will be related to the local tensile properties that were measured as
presented in chapter 6 and predicted through modeling as presented in
chapters 7 and 8. The first section of this chapter will present and
discuss the experimental results of the transverse tensile tests on friction
stir welds obtained with different welding parameters. For some of these
welds, digital image correlation was used to characterize the local strains
during the tensile test.

In the second part of this chapter, the link between the local and global
mechanical properties including damage is also made through a full 3D
finite element model of the joint. This model is assessed by using the
local tensile properties measured with the micro-tensile tests presented
in chapter 6. The parameters for the damage model presented in that
part are based on the characterization of the coarse o phases responsible
for damage initiation also presented in chapter 6. Modeling the global
tensile properties including damage for micro-tensile measurements has
already been addressed for the friction stir welding of the aluminum alloy
6056 in a parallel study by Gallais [50, 51|, in collaboration with the UCL
team.

191
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9.1 Experimental results

9.1.1 Results
(a) Uniaxial tensile test on welded sample

The deformation of a weld under transverse loading is heterogeneous
and consequently true stress-strain curves cannot be extracted from the
force-displacement results. Only pseudo engineering mechanical proper-
ties can be determined:

e R, is a pseudo yield strength defined here at 0.1% offset to linearity
since plasticity start first in a very confined zone of the weld;

e R,, is the pseudo ultimate tensile strength;

e ¢, is the pseudo ultimate tensile strain (engineering strain at max-
imum load);

e ¢ is the maximum section reduction defined as for uniform ma-
terials (e; = In(S;/S)). Note that if the reduced section is not
oriented at 90° from the loading direction, the surface of this re-
duced section is defined by projecting the section onto a plane
perpendicular to the tensile direction. This is important in the
damage modeling when predicting the fracture strain.

Figure 9.1 shows the evolution of the transverse tensile properties of
friction stir welds as a function of the welding parameters. The yield
strength and the ultimate tensile strength both increase with increasing
advancing and rotational speeds. The ultimate tensile strain generally
increases with decreasing rotational speed while the true fracture strain
is almost not affected by the rotational speed. The effect of the advancing
speed on those two properties is however not systematic. Interestingly,
the ultimate tensile strain seems to be maximum for an intermediate
welding speed equal to about 350 — 500 mm/min. This maximum seems
to be associated with a slight decrease of the fracture strain. Note that
the friction stir welding tool was different for very low advancing speed
welds. Hence, this maximum in ultimate tensile strain could perhaps be
related to a change in tool pin length. Further investigations is needed
to confirm the presence of a maximum in the ultimate tensile strain.

The position of fracture is always on the retreating side of the weld
for all the welds presented in Figure 9.1. Table 9.1 shows the exact
position of fracture for the welds extensively studied in this work. The
position of fracture gets closer to the weld centerline as the advancing
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Figure 9.1. Tensile properties of friction stir welds with different welding parameters:
(a) yield strength R, [M Pa]; (b) ultimate tensile strength R,, [M Pal; (c) ultimate
tensile strain e,; (d) fracture strain ey.
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Experiment number 1 2 3 4 )

Advancing speed [mm/min| | 200 | 200 | 200 | 765 | 1000
Rotational speed [rpm)] 500 | 750 | 1000 | 1000 | 1000
Fracture position (y) [mm| | 9.8 | 10.9 | 11.8 | 7.8 | 5.7

Table 9.1. Fracture position (on the retreating side of the weld) for the welds
extensively studied.

N 5 4

. S

Figure 9.2. SEM micrograph of the fracture surface of a broken friction stir weld
tensile sample with welding conditions equal to 1000 mm/min and 1000 rpm.

speed increases and as the rotational speed decreases, i.e. when the weld
is colder.

Figure 9.2 shows a SEM micrograph of the fracture surface of a friction
stir weld broken in the heat affected zone. Fracture has clearly occurred
in a ductile manner by the growth and coalescence of voids. Small parti-
cles that are at the origin of the void growth are found inside the voids.
The size of these particles matches with the size of the a particles.

(b) Digital image correlation

Figure 9.3 presents the results of digital image correlation (DIC) of a
cold weld (1000 mm/min and 1000 rpm) and a hot weld (200 mm/min
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Figure 9.3. Logarithmic strain in the tensile direction €, in friction stir welds sub-
jected to transverse tensile testing (DIC results). Welds with welding parameters 1000
rpm and (a) 1000 mm/min; (b) 200 mm/min. The top curve gives the corresponding
engineering tensile curve for the given weld. The vertical doted lines indicates the
position of fracture as given in Table 9.1 (page 194).
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testing (DIC results). Results for at a global elongation e of 4%.

and 1000 rpm) at different levels of deformation. The engineering stress-
strain curve on top of Figure 9.3 allows linking the local strain in the
tensile direction ey, with the global elongation e and the nominal stress
R. The general trends are as follow:

Figure 9.3(1). Plastic deformation starts on the retreating side of
the weld in the heat affected zone.

Figure 9.3(2). The highest deformations localize in the entire low
local yield strength zone which basically corresponds to the ther-
mally affected zone.

Figure 9.3(3,4). For the cold weld, &y, localizes in the weld center
and the heat affected zone on the retreating side of the weld. For
the hot weld, €., localizes on the two sides of the weld in the heat
affected zone.

Figure 9.3(5). Necking starts on the retreating side of both weld.

Figure 9.3(6). Fracture occurs on the retreating side of both welds
at the position indicated by the vertical doted line.

Figure 9.4 compares the results of the digital image correlation at mid-
thickness for three extreme welding conditions for an elongation e of 4%
(plastic deformation). The following can be observed:
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Figure 9.5. Joint efficiency (R /Rmpnm) for different welding conditions.

e Deformation localizes in a relatively wide zone including the weld
center in the coldest weld (1000 rpm and 1000 mm/min) while
in the hottest weld (1000 rpm and 200 mm/min) deformation is,
at this stage of elongation, already very localized in the heat af-
fected zone. For the intermediate welding conditions (500 rpm and
200 mm/min), the deformation behavior is intermediate between
the behavior of the hottest and the coldest weld.

e The maximum logarithmic strain in the tensile direction gy, is
higher for colder welds.

e The position of the maximum logarithmic strain in the tensile di-
rection &, is closer to the weld center for colder welds.

9.1.2 Discussion
(a) Joint efficiency

It is classical in the welding community to define the so-called ”joint
efficiency” as the ratio of the ultimate tensile strength of the weld to
the ultimate tensile strength of the base material (indicated in Table
3.4, page 33). Figure 9.5 shows the evolution of the joint efficiency as a
function of the welding conditions. The joint efficiency ranges between 68
and 75% and increases with increasing advancing and rotational speeds.
The values of the joint efficiencies of the welds confirm the good quality
of these welds. Indeed, the joint efficiency found in the literature for
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Figure 9.6. Yield strength R, [MPa| multiplied by the ultimate tensile strain e, of
friction stir welds with different welding parameters. Image of the toughness of the
welds.

6xxx aluminum alloys friction stir welds lie between 60% and 90% |75,
92, 110, 142].

(b) Weld toughness indicator

Figure 9.6 presents the yield strength multiplied by the strain at neck-
ing R, * e, of friction stir welds with different welding conditions. This
factor is a good indication of the toughness of the welds. A maximum of
R, * e, is observed in the range where the strain at necking was found
to present a maximum. A lower rotational speed and a relatively low
advancing speed seems to give a higher toughness factor. In conclusion,
favoring a maximum joint efficiency deteriorates the toughness. Hence,
optimal welding conditions for the welding range studied here would be
equal to about 500 mm/min and 750 rpm. The joint efficiency for these
conditions (73%) is only slightly lower than its maximum value and the
toughness level is probably optimal for these welding conditions.

(c) Relevance of the weld pitch

Figure 9.1 has shown that the tensile properties of friction stir welds
tend to increase for increasing advancing and rotational speeds. Hence,
the weld pitch (ratio of the advancing speed to the rotational speed
[mm/rot|) is clearly not a good parameter of the weld global behavior.
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Figure 9.4 has shown that the maximum logarithmic strain in the
tensile direction e, is higher for colder welds (i.e. increasing weld pitch).
Hence, it seems that there exists a correlation between the weld pitch
and the distribution of the deformations.

Figure 9.7 has shown that the fracture position (given in Table 9.1,
page 194) moves closer to the weld center with increasing weld pitch.
The distance between the position of the maximum logarithmic strain
in the tensile direction ey, and the weld center (DIC results of Figure
9.4) also decreases with increasing weld pitch. The position of fracture
is directly related to the width of the zone thermally affected. It was
shown in Figure 6.20 that the width of this zone decreases with increasing
advancing speed and decreasing rotational speed, i.e. with increasing
weld pitch.

(d) Linking local and global tensile properties

Yield strength. In Figure 9.8, the yield strength R, of the transverse
tensile specimens is compared to the minimum yield strength from all
the micro-tensile specimens machined from the same weld, for various
welding conditions (see Figure 6.21). This minimum is found in the
HAZ or close to the TMAZ, generally on the retreating side of the weld
as was shown in Figure 6.22. The evolutions are very similar. Indeed, this
minimum yield strength of the micro-tensile samples is directly related
to the yield strength of the weld when submitted to transverse tensile
testing since the weakest link (i.e. the material that will first yield)
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Figure 9.8. Comparison of the 0.1% offset yield strength of transverse tensile spe-
cimens and the minimum yield strength of the micro-tensile specimens for different
(a) advancing speeds for a rotational speed of 1000 mm/min; (b) rotational speeds
for an advancing speed of 200 mm/min.

will determine the yield strength of the entire sample. Nevertheless,
Figure 9.8 shows that the minimum yield strength for the micro-tensile
specimens is about 10 MPa higher than the welds yield strength when
subjected to transverse tensile loading. This is not surprising since it has
been shown in Table 3.4 (page 33) that the base material has anisotropic
tensile properties and, in particular, the yield strength in the transverse
long direction (direction of the transverse tensile tests on the weld) is
10 MPa lower than the yield strength in the extrusion direction.

Fracture location. Figure 9.9 shows that the fracture locations given
in Table 9.1 (page 194) correspond to the position in the welds where
the local ultimate tensile strength is minimum. The local strain mea-
surements in the tensile direction during a transverse tensile test on fric-
tion stir welds (see Figure 9.3) have shown that even though the yield
strength is relatively uniform in the entire thermally affected zone, the
strain hardening capacity of the weld center being higher than in the
heat affected zone, fracture will finally take place in the heat affected
zone.

Deformation localization. The DIC results have shown that the
localization of deformation in the heat affected zone of the cold weld
(advancing speed of 1000 mm/min) only occurs very late in the defor-
mation process while it occurs much earlier in the hot weld (advancing
speed of 200 mm /min). This difference in behavior between hot and cold
welds can be attributed to the low difference in tensile strength proper-
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ties (and in particular in ultimate tensile strength) when comparing the
heat affected zone and the weld nugget. Looking at Figure 9.9(a), we see
that the hot weld has a difference in ultimate tensile strength between
the weld nugget and the heat affected zone of more than 40 MPa while
the cold weld has a difference of less than 20 MPa. The ultimate tensile
strength of the weld nugget increases with decreasing advancing speed
while it is the contrary in the heat affected zone. Hence, the strength
mismatch reduces when the advancing speed decreases.

Asymmetry. Figure 9.3 has shown that yielding starts on the re-
treating side of the weld. This is consistent with the fact that the re-
treating side of both welds exhibit a lower yield strength (see Figure
6.22). When strain hardening starts, deformation does not directly lo-
calize on a unique side of the weld for the hot weld (advancing speed of
200 mm/min) until necking starts even though fracture will occur on the
retreating side of all the welds tested in this study. For cold welds (ad-
vancing speed of 1000 mm/min), the retreating side of the weld exhibits
higher plastic strain than the advancing side of the weld soon after the
beginning of the deformation process. The distribution of temperatures
has been studied in part II of this thesis. Figure 5.13 has shown that the
temperature difference between the advancing side and the retreating
side of the weld is higher in a cold weld. Furthermore, the width of the
thermally affected zone is more asymmetric for cold welds (see Figure
6.20(c)). The asymmetry in local deformation is here again more marked
in the cold weld (see Figure 9.3). Furthermore, it was shown that in the
weld with an advancing speed of 200 mm/min and a rotational speed
of 1000 rpm, the retreating side could be hotter (see Figure 5.13). This
relates to the fact that, in the hot weld presented in Figure 9.3(b), defor-
mation localizes also on the advancing side of the weld at the beginning
of the deformation process (even though fracture ends up occurring on
the retreating side of the weld).

9.1.3 Conclusions of the experimental results

This section has presented and discussed the experimental results on
the global tensile behavior of friction stir welds generated with various
welding conditions. The following conclusions can be made:

e The global tensile behavior of the friction stir welds agree with re-
sults usually described in the literature confirming the good quality
of the welds produced at UCL.
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e The toughness is not maximum for the welding conditions giving
the best joint efficiency. Hence a compromise has to be found when
choosing the welding conditions.

e The yield strength of a weld corresponds to the yield strength of
its weakest zone, which is always located on the retreating side of
the welds as confirmed by the DIC experiments.

e The position of fracture is directly related to the minimum of the
local ultimate tensile strength and not only to the minimum of the
yield strength. It is thus not always correct to infer the location of
fracture from the hardness measurements.

e The transverse tensile behavior of hot and cold welds are very
different, in particular with respect to the deformation localization
process. Indeed, for cold welds deformation localizes in the heat
affected zone and on the retreating side only very late in the de-
formation process contrarily to the hot welds where it is observed
at the beginning of strain hardening.

e The asymmetry of deformation in cold welds develops early in the
deformation process while it occurs much later in very hot welds.

9.2 Modeling the global tensile properties and
damage

9.2.1 Modeling the global tensile properties from the lo-
cal properties

(a) Model description

The global transverse tensile properties of a weld have been modeled
using the general purpose finite element code ABAQUS [1] assuming J2
isotropic plasticity. A transverse tensile specimen with the geometry
of the experimental transverse tensile samples (see Figure 3.6) is mod-
eled by providing the local tensile properties measured with the micro-
tensile specimens (see Chapter 6) in the various characteristic regions of
the weld. Figure 9.10 shows how the tensile properties are distributed
throughout the finite element model for the specific case of the transverse
tensile test on weld number ”3”. The position of the transition between
microstructural zones of the weld and the inclination of these transi-
tions are based on the hardness measurements (see Figure 6.20) and the
weld shapes macrographs (see Figure 4.6) of the five welds. Due to the
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Figure 9.10. Mesh and zones with different material properties for the modeling of
the tensile behavior of friction stir weld number 3" (200 mm/min and 1000 rpm).

differences between the advancing and retreating side of the joint, full
3D simulations are performed accounting only for one symmetry plane
parallel to the loading direction and to the through thickness direction.
The mesh is refined in the region where final fracture from which accu-
rate stress and strain evolution must be extracted for the prediction of
damage evolution (see next section).

For each region of the weld, a series of three micro-tensile tests are
available. The simulation were repeated three times for each weld in
order to evaluate the dispersion in the modeling results due to the ex-
perimental scatter. The stress-strain curves were introduced point by
point up to the onset of necking and after have been extrapolated using
a law of Voce (expression (8.11)).

(b) Assessment of the model

Tensile properties. Figure 9.11 compares the predicted tensile pro-
perties to the experimental results for the five welds. The quality of
the predictions is relatively good considering that the distribution of the
local mechanical properties are introduced approximatively in the finite
element model. The discrepancies can be explained as follows:

e The overestimation of the yield strength is partially due to the
anisotropy in the tensile properties. This effect was already dis-
cussed in Figure 9.8 comparing the yield strength of the micro-
tensile samples and that of transverse tensile samples of friction
stir welds. Indeed, Table 3.4 (page 33) confirms that the yield
strength in the extrusion direction is higher than in the transverse
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Figure 9.11. Comparison of the predicted and measured engineering tensile pro-
perties for (a,c) different advancing speeds for a rotational speed of 1000 rpm; (b,d)
different rotational speeds for and advancing speed equal to 200 mm/min; (a,b) yield
strength R, and ultimate tensile strength R,,; (c,d) ultimate tensile strain e,.
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long direction (direction of the macro-tensile samples of the en-
tire weld) of about 10 MPa. The finite element model is based on
isotropic plasticity and is thus not capable of reproducing such an
effect.

e The error on the ultimate tensile strength predictions for some
welds can also be attributed to anisotropy and to the fact that
damage is not taken into account at this level of the modeling.

e The error on the ultimate tensile strain predictions are more sig-
nificant. Elongations are certainly largely affected by the simple
distribution of the tensile properties assumed here with constant
properties in various zones and sharp transition between zones. It
is anticipated that smoother gradient of properties will tend to de-
lay plastic localization. Furthermore, the global elongation is a
sum of the local elongations, adding up errors on the local tensile
properties and on the shapes of the weld zones.

Local strains. Figure 9.12 and 9.13 compare the predicted and mea-
sured distribution of local strains in the tensile direction e, at mid-
thickness for different relative global elongations (e/e,,) for friction stir
welds number ”5” (1000 mm/min and 1000 rpm, the coldest weld, see
Figure 9.12) and number ”3” (200 mm/min and 1000 rpm, the hottest
weld, see Figure 9.13). The predictions are very satisfactory for the cold-
est weld in which the deformation at the onset of necking was already
well predicted (see in Figure 9.11(c) the point at an advancing speed
of 1000 mm/min). The predictions are much less satisfactory for the
hottest welding conditions. In that case, the onset of necking is already
underestimated which lead to unrealistic strain fields after the onset of
necking (see Figure 9.11(c,d)). Nevertheless, the model reproduces very
well the general trends of the DIC results. In particular:

e Figure 9.12(a): The largest deformations localize in the entire low
yield strength zone corresponding to the thermally affected zone.

e Figure 9.12(b,c) and 9.13(b,c): For the cold weld, the deformation
localizes in the heat affected zone on the retreating side of the weld
as well as in the weld center. For the hot weld, the deformation
localizes in the heat affected zone of both sides of the weld with a
slightly larger deformation on the retreating side of the weld.

e Figure 9.12(d,e,f) and 9.13(d,e,f): Necking that will cause final
fracture starts on the retreating side for the coldest weld but on
the advancing side for the hottest weld.
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Figure 9.12. Comparison of the predicted and measured (DIC results) distribution
of local strains in the tensile direction €,, at mid-thickness for different relative global
elongations e/e,, for friction stir weld number ”’5” (1000 mm/min and 1000 rpm): (a)
e/ew = 0.04; (b) e/ew = 0.3; (c) e/ew = 0.6; (d) e/ew = 1; (e) e/ew = 1.3; (f) e/ew =
1.6.
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Figure 9.13. Comparison of the predicted and measured (DIC results) distribution
of local strains in the tensile direction €4, at mid-thickness for different relative global
elongations e/e, for friction stir weld number 3" (200 mm/min and 1000 rpm): (a)
e/e, = 0.04; (b) e/e, = 0.3; (c) e/ew = 0.6; (d) e/ew = 1; (e) e/ew = 1.3; (f) e/e, =
1.6.
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The predicted side of the weld where final localization of deforma-
tion occurs does not match the experimental results which always show
localization on the retreating side of the weld. Figure 9.14 shows that
the position of fracture (the location where deformation localizes at large
strains) is generally predicted on the retreating side of the welds for the
cold welds while for the hot welds it is not always the case. It can even
be on different sides for the same weld when considering different set of
micro-tensile sample results. This confirms that, in hot welds, the locali-
zation of fracture may vary with only very slight differences in shape
and tensile properties of the weld zones. The zone of fracture is how-
ever always predicted in the low hardness heat affected zone of the weld
(expect for one weld where it is predicted in the TMAZ).

9.2.2 Modeling damage
(a) Model description

Damage mechanisms. Damage in a ductile material is characterized
by the nucleation, growth and coalescence of small internal voids. These
voids generally nucleate by the fracture or decohesion of second phase
particles. The voids then grow by plastic deformation. Void coalescence
consists in the localization of plastic deformation at the micro-scale inside
the intervoid ligament between neighboring voids. In aluminum alloys,
the coarse intermetallics particles are usually the sites for void nucleation.
Figure 9.15 summarizes the different scales at which the tensile sample
of friction stir welds are studied. Damage is studied at the micro-scale
of the intermetallic phases in the zone where fracture will occur, i.e. the
weakest zone of the weld.

Basics of the damage model. The aim of this section is to present
an advanced damage model which captures the evolution of void growth
and coalescence based on the microstructural measurements presented
in chapter 6. The local fracture strain is computed using the model
developed by Pardoen et al. [105, 106] which is a generalization of the
Gurson model [59] enhanced by Tvegaard et al. [138|, Needleman et al.
[102]|, Thomason [137] (voids coalescence condition), Gologanu et al. [54]
(voids morphology), Benzerga et al. [6] and Lassance et al. [72]| (void
coalescence condition).

Voids growth. The voids are assumed to be present from the begin-
ning of loading, i.e. nucleation is assumed to take place in the elastic
regime. This assumption is acceptable considering the drastic deforma-
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Figure 9.14. Predicted fracture position (x) considering that it corresponds to the
location where deformation will localize at large strains for (a) different advancing
speeds for a rotational speed of 1000 rpm; (b) different rotational speeds for and
advancing speed of 200 mm/min. HAZ1 = heat affected zone mid-hardness level,
HAZ2 = heat affected zone low hardness level, TMAZ = thermo-mechanically affected
zone; y > 0 on the retreating side of the weld.
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Micro-scale — representative
microstructural element for
plasticity and damage

coalescence of

growth of
voids

Figure 9.15. Schematic of the multi-scale mechanical analysis of the plasticity and
damage of a friction stir weld structural component (inspired from [51]).
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Figure 9.16. Definition of the void radius assuming spheroidal shape with respect
to the main loading axis.

tion imposed to the plates during the forming process before welding
which can already damage the particles; and considering that the yield
strength values inside the weak zones are moderate. The voids are de-
scribed by the following parameters:

e f is the porosity, i.e. the volume fraction of voids; fy is its initial
value.

e W is the aspect ratio of the voids. The voids are assumed spheroidal,
i.e. they present a circular section in a plane transverse to the axis
of traction y (i.e. R, = R,, where R, or R, is the radius of the
circular section). The logarithmic aspect ratio of the voids is de-
fined as S, = In(W) = In(Ry/R, ), where R, is the "radius” of
the spheroid along the y-axis. The initial values are designated
Syo and Wy. Figure 9.16 clarifies the definition of W.

From the volume conservation of plastic deformation, the increase of the
void volume fraction writes:

f=@-ne, 9.1)
where éfj are the ¢j components of the overall plastic strain tensor. The
evolution law for S, has been derived by Gologanu et al. [54] from
the micro-mechanical analysis of the growth of spheroidal voids in a J2
perfectly plastic material:

3 b

Sv =51+ h) (ép —~ %5;() : Py + hoél, (9-2)
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with analytical expressions for hi, ho as a function of S, and f; P; is a
projector tensor, defined by e, ® e, (e, is a unit vector parallel to the
main cavity axis!); dx is the Kronecker tensor.
The hardening behavior of the matrix material is related to the overall
stress and plastic strain rate through the energy balance initially pro-
posed by Gurson [59]:

oyeh(1— f) = oéP. (9.3)
where the mean yield strength of the matrix o, is a function of the mean
plastic strain 5.
In order to calculate the evolution of the three variables f, S, and o, as
well as the stress state o, use is made of an associated flow rule:

. . 0P
z-:zi’j:’y

4
e (9.4)

where ® is the flow potential proposed by Gologanu et al. [54] for a
porous material involving spheroidal voids:

C o
® = ol ot X 2a+Dlg+ Dcosh (K2 ) = (g 02+ =0 (93)
Y

Yy
where (see Gologanu et al. [54], Pardoen et al. [105], Benzerga et al.
[6] for complete expressions)

e o’ is the deviatoric tensor part of the Cauchy stress tensor;

. ai is a generalized hydrostatic stress defined by O'z =o0:J;Jisa
tensor associated to the void axis and defined by:

J=(1-2a)ey; ® ey + e, @ ey + aze, @ e; (9.6)

e X is a tensor associated to the void axis and defined by:

X = gey®ey— %ea,-@ew— éez®€z; (9.7)
e || || is the von Mises norm;
e C, ny, g, k and ag are analytical functions of the state variables

S, and f;

e ¢ is a parameter that has been calibrated as a function of fy, Wy
and the strain hardening exponent n.
The stresses are calculated from
Gij = Lijii (ér — %)) (9.8)

where L;jj; are the elastic moduli.

'For the sake of simplicity, we will assume here that the main void axis e, does
not rotate and that it remains parallel to the loading direction, i.e. the y direction.
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Void coalescence. The first stage of void growth by relatively homo-
geneous plastic deformation of the matrix surrounding the voids is inter-
rupted by the localization of the plastic flow in the ligament between the
voids. This localization corresponds to the onset of coalescence. From
that point on, a second mode of void growth, called void coalescence,
starts, driven by plasticity localized between the primary voids. The
problem is quite similar to an internal necking process at a micro-scale.
Thomason [137] proposed the following condition for the onset of coales-
cence by internal necking:

aﬁgiﬁi‘gi“(%ﬁ%>%+LMVg] (9.9)

where parameter ag has been fitted as a function of the average value of
the strain hardening exponent n [105] for 0 <n < 0.3:

ag(n) = 0.1+ 0.22n + 4.8n> (9.10)

Criterion (9.9) states that coalescence occurs when the stress normal
to the localization plane reaches a critical value. This critical value
decreases as the voids open (W increases) and get closer to each other
(x increases). Hence, the dominant parameter controlling the transition
to the coalescence mode is the relative void spacing x defined as:

_(f N
- ()

where Ay is the particle distribution factor and 74 is a geometric factor
which depends on the arrangement of voids. Here we will assume that
the voids are uniformly distributed (i.e. Ay = 1) in a periodic simple
cubic array (i.e. 74 = 0.605), see Figure 9.16. The porosity affects
the coalescence indirectly through the link with the void spacing x and
through its softening effect on the applied stress o,,. In the present
study, coalescence by internal necking is assumed to occur in a band
normal to the main void axis which is certainly an approximate approach
in the case of shear-driven void sheet coalescence mechanism.

Decoupling flow and damage. A version of the model has been
implemented by Pardoen et al. in ABAQUS as a User defined M ATerial
subroutine. Here, in order to keep the simulation time acceptable, the
calculations have been run in two steps. The simulations based on the J2
flow theory described in section 9.2 provide the evolution of the overall
strain components and stress triaxiality in the element having the highest
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Figure 9.17. Evolution of the macroscopic strain defined as In(S;/S) (where S; is
the initial transverse section and S is the section at any time during the tensile test)

as a function of the equivalent plastic strain €, at the position where it is maximum

for weld number 2", Determination of the microscopic true strain at fracture e’7**"°

from the macroscopic true strain at fracture ey.

equivalent plastic strain. The history of the stress triaxiality as a function
of the effective equivalent plastic strain is then applied to the damage
model for the prediction of the onset of coalescence. In order to run the
model independently, one must know at least the evolution of the stress
triaxiality (defined as the ratio of the absolute value of the hydrostatic
stress on the von Mises stress) as a function of the equivalent plastic

strain €, taken at the position where it is maximum?.

Linking the local maximum equivalent plastic strain to the
macroscopic true fracture strain. The true fracture strain ¢y given
by expression (3.2) (ef = In(S;/S,)) is based on the macroscopic section
reduction®. Modeling the transverse tensile behavior of a sample allows
relating this macroscopic mechanical property to the equivalent plastic
strain €, at the position where it is maximum. Figure 9.17 shows how the
relationship between In(S;/S) (where S; is the initial transverse section
and S is the minimum section at any time during the tensile test) and ¢,
at the position where it is maximum allows obtaining the local equivalent
plastic strain 5?”“0 that corresponds to the experimental macroscopic
true fracture strain ey defined by expression (3.2).

2The plastic strain tensor is note € while ¢, is the equivalent plastic strain.
3The reduced section is defined as the projected section of the 3D reduced section
on a plane perpendicular to the traction direction.
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Figure 9.18. Flow stress as a function of the plastic strain curve of the weakest
zone for different welding conditions for the three micro-tensile samples tested: (a)
effect of the advancing speed for a rotational speed equal to 1000 rpm; (b) effect of
the rotational speed for an advancing speed equal to 200 mm/min.

(b) Application of the model using the micro-tensile tests

Microstructural parameters of the damage model. The macro-
graph of a broken sample in Figure 9.2 has shown that the « particles are
at the origin of the voids. Hence, we will consider that the initial void
volume fraction and aspect ratio corresponds to the a particles volume
fraction and aspect ratio. The volume fraction and the aspect ratio of
these precipitates is unaffected by the welding process (see Table 6.4,
page 103). Hence, the volume fraction and the aspect ratio of the «
phases measured for the base material (see Table 6.1, page 88) are used
as reference for the model. In particular,

e the initial volume fraction of voids fj is equal to 1.2%;

e the initial aspect ratio of the voids Wy is equal to (1/1.7) since the
tensile direction is perpendicular to the extrusion direction and the
a phases are elongated in the extrusion direction (see Figure 9.16).

Stress-strain curves of the weakest zones. Figure 9.18 shows the
stress-strain curves of the weakest zone of the friction stir welds intro-
duced in the damage model. The strength in low advancing speed welds
is slightly lower than the stresses for the high advancing speed welds.
The effect of the rotational speed is not systematic. In the code, the
flow stress-strain curve is not introduced point by point (like in the J2
plasticity calculations presented in section 9.2) but by fitting the curve
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Figure 9.19. Evolution of the stress triaxiality in the most deformed element as a
function of the equivalent plastic strain €, of that finite element for different welding
conditions for the three micro-tensile samples tested in each zone of the welds: (a)
effect of the advancing speed for a rotational speed equal to 1000 rpm; (b) effect of
the rotational speed for an advancing speed equal to 200 mm/min.

with the following expression:

E
9 - =5 when oy < oy (9.12)
Oy 9y
Eeb\"
i = <1 + ﬁ) when o¢ > o, (9.13)
Ty Ty

where E is the Young modulus, oy, is the initial yield strength, e}, is the
plastic strain and n is the strain-hardening exponent, assumed indepen-
dent of strain.

Stress triaxiality evolutions. Figure 9.19 shows the evolution of the
stress triaxiality taken at the finite element where the equivalent plastic
strain is maximum for different welding conditions. The stress triaxial-
ity evolution with equivalent plastic strain is not much influenced by the
welding conditions except that in the coldest weld (1000 mm/min and
1000 rpm) the stress triaxiality tends to saturate and even decreases at
a certain level of equivalent plastic strain. Nevertheless, the void growth
rate is an exponent function of the stress triaxiality and minute differ-
ences in the stress triaxiality can have a major impact on the predictions.

Predictions of the true fracture strain. Table 9.2 compares the
measured and predicted true fracture strains (microscopic and macro-
scopic). The agreement is quite good. Figure 9.20 shows the effect of
the welding parameters on the predictions. The slight variation of the
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Exp. number 1 2 3 4 )
Advancing 200 200 200 765 1000
speed [mm/min|
Rotational 500 750 1000 1000 1000
speed [rpm]|
Exp. ¢ 0.43 0.59 0.62 0.60 0.55
Exp. 4+ model 0.60 0.84 0.92 0.82 0.83
57}2“'“0 (£0.02) | (£0.01) | (£0.01) | (£0.04) | (£0.03)
Model g7 0.7 0.85 0.78 0.82 0.87
Model ¢ 0.50 0.58 0.53 0.57 0.59

Table 9.2. Comparison of the predicted and measured true fracture strain linking
the macroscopic true fracture strain £ (defined by ¢ = In(S;/S,) where S; is the
initial transverse section and S is the reduced transverse section at fracture) and the

microscopic true fracture strain e’7*“"* (result of the simulation of a weld).

true fracture strain with increasing advancing speed is not well captured
by the model. Unfortunately, the welding conditions that show impor-
tant variations of the true fracture strain (around 350-500 mm/min)
cannot be modeled due to the absence of micro-tensile results for these
welds. A maximum of the true fracture strain at an intermediate rota-
tional speed is predicted while experimentally the true fracture strain
increases with increasing rotational speed. Nevertheless, the identified
effect of the welding parameters are in the error-bar of the measurements

of the true fracture strain?.

Discussion. The stress triaxiality, which is the key parameter control-
ling damage kinetics, is a function of the strength gradient between the
weak zone and the surrounding zones. The strength gradient depends
on two factors; the strength mismatch and the width of the weak zone.
In cold welds, even though the strength mismatch is smaller than in hot
welds the weak zone is also narrower which lead to an increase of the
stress triaxiality values. Hence, the two effects being opposite, the stress
triaxiality levels are only weakly influenced by the welding conditions.

Figure 9.19 shows that the experimental dispersion in the tensile pro-
perties of the different zones of the weld causes a dispersion in the stress
triaxiality evolution. Furthermore, Figure 9.21 shows that, even if chang-
ing the width of the heat affected zone by up to 20% has only a minor

4An error-bar is available for only a limited number of experimental results.
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Figure 9.20. Comparison of the predicted and measured macroscopic true fracture
strain €5 (defined as e = In(S;/S,) where S; is the initial transverse section and S,
is the reduced transverse section at fracture): (a) effect of the advancing speed for a
rotational speed equal to 1000 rpm; (b) effect of the rotational speed for an advancing
speed equal to 200 mm/min.

effect on the strength predictions, the stress triaxiality is moderately
reduced. Hence, if the heat affected zone is larger (or narrower) than
what is introduced in the model, the true fracture strain will be under-
estimated (or overestimated). Nevertheless, the inaccuracies in the local
tensile properties and in the shape of the weld zones do not seem to sig-
nificantly affect the predictions of the true fracture strain but probably
affect the predictions of the small effects of the welding conditions on
the true fracture strain.

The microscopic true fracture strain of welds subjected to transverse
tensile loading can be compared to the local true fracture strain of the
micro-samples machined within the heat affected zone on the retreating
side of the weld (position where fracture will occur). This local true
fracture strain ranges between 1.2 to 1.8. The microscopic true fracture
strain of the welds are lower (around 0.7 to 0.9) since the plastic con-
finement drastically increases the triaxiality leading to a decrease of the
microscopic true fracture strain.

9.2.3 Conclusions of the models

This section has described the modeling results of the global trans-
verse tensile behavior including damage evolution within friction stir
welds, for different welding conditions. Model results correlate very well
with global tensile properties measured during the transverse tensile
tests, confirming the ability to predict the global tensile properties of
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Figure 9.21. Effect of a change in the width of the heat affected zone of 20% for
weld number 3" (200 mm/min and 1000 rpm): (a) tensile curve; (b) evolution of the
stress triaxiality in the most deformed element as a function of the equivalent plastic
deformation €.

friction stir welds based on the knowledge of the local tensile properties.

The micro-mechanics based damage model is completely predictive
and captures quite accurately the values of the true fracture strain with-
out parameter adjustment. Unfortunately, the macro-samples for which
micro-tensile samples are available do not show significant effects of the
welding conditions on the the true fracture strain. This has been at-
tributed to the compensation of two antagonistic effect: the strength
mismatch is usually accompanied by an increase of the weakest zone
width.
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Complete process modeling

The previous chapters have presented various models shown in Figure
1.2 devoted to the specific stages of the friction stir welds process:

e Chapter 5 presented a finite element based thermal model relating
the welding parameters to the thermal cycles;

e Chapter 7 presented a physical model relating the thermal cycles
to the microstructure evolution;

e Chapter 7 also presented a model relating the microstructure to
the yield strength in different parts of the weld;

e Chapter 8 presented a physical model relating the microstructure
and yield strength to the strain hardening capacity in different
parts of the weld;

e Chapter 9 presented a finite element based model relating the local
tensile properties to the global transverse tensile properties includ-
ing a micromechanical damage model.

These models have been validated on experimental results on both base
material heat treatments and friction stir welds. The decoupling of the
different models has been favored by taking experimental measurements
as input to the models when possible. It is now possible to assemble the
models in order to look at the predictive potential of the entire chain of
models. At this stage, the total power input is the only parameter of the
assembled models that has to be determined experimentally for a given
set of welding conditions when modeling friction stir welds in aluminum
alloy 6005A. It must be noted however that, the total power input can
be more simply estimated using the fit presented in equation 4.1 which
assumes that the total power input depends only on the advancing speed
in a linear manner.

221



222 Chapter 10

10.1 Results of the model

10.1.1 Coupling the thermal cycles, microstructure evo-
lution and local mechanical properties models

Comparison with experimental results. Figure 10.1 summarizes,
for the two friction stir welds that have been extensively studied through-
out this thesis (named the "coldest” and the "hottest” weld), the results
of the microstructure evolution, yield strength and strain hardening mod-
els using as input the thermal cycles predicted by the thermal model
presented in chapter 5. The temperature distribution of those two welds
have been presented in Figure 5.11. The quality of the predictions of
the thermal model being quite good, the application to the predictions
of the microstructure evolution, of the local yield strength and of the
local strain hardening (see chapters 7 and 8) does not introduce extra
significant errors.

Effect of the advancing speed. Figure 10.2 and 10.3 describe the
predictions of the model for various advancing speeds and a rotational
speed equal to 1000 rpm. The following can be observed and discussed
based on the results of the previous chapters:

e The thermally affected zone widens when the advancing speed de-
creases due to the higher maximum temperature at a given distance
from the weld centerline (see Figure 10.2(a)).

e The minimum of the solid solution concentration does not corre-
spond to the minimum of the yield strength when the advancing
speed increases (see Figure 10.2(b,d)).

e The maximum precipitate radius increases with decreasing advan-
cing speed (see Figure 10.2(c)) due to the decrease of the cooling
rate with decreasing advancing speeds.

e The yield strength presents a clear minimum in the heat affected
zone for the low advancing speed welds (see Figure 10.2(d)) due to
insufficient solid solution concentration in the heat affected zone
required for natural aging.

e The maximum of the dynamic recovery rate § increases with de-
creasing advancing speed (see Figure 10.2(e)) due to the increase
of the "dislocation lift” (see section 8.2.4(b)) when the precipitate
radius increases.
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Figure 10.1. Comparison of the measured and predicted (based on the thermal
model) microstructure and tensile properties as a function of the position along a
transverse section at mid-thickness of a weld with a rotational speed 1000 rpm and
(a) an advancing speed equal to 1000 mm/min; (b) an advancing speed equal to 200
mm/min; r = equivalent radius; Carg = solid solution concentration; f, = volume
fraction; Niotar = precipitates density; R, = yield strength; 6 = dislocation storage
parameter; § = dynamic recovery rate; €, = true strain at necking; R,, = ultimate
tensile strength. NA = natural aging.
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Figure 10.2. Effect of the advancing speed for a rotational speed equal to 1000 rpm
on the predicted microstructure and tensile properties as a function of the position
along a transverse weld section at mid-thickness: (a) maximum temperature; (b)
solid solution concentration Chrg; (c) equivalent radius r; (d) yield strength oy; (e)
dynamic recovery rate 3; (f) dislocation storage parameter 6.
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Figure 10.3. Effect of the advancing speed for a rotational speed equal to 1000 rpm
on the predicted strength and strain at necking as a function of the position along a
transverse weld section at mid-thickness: (a) true strain at necking €,; (b) ultimate
tensile strength R,,.

The dislocation storage parameter 6 presents a maximum in the
heat affected zone if the advancing speed decreases (see Figure
10.2(f)) due to more efficient dislocation storage when the precipi-
tate radius increases.

The dislocation storage parameter 6 is relatively high in the weld
center due to the maximum driving force for dynamic precipita-
tion in that region of the weld involving the largest solid solution
concentration.

The minimum of the true strain at necking and of the ultimate
tensile strength decreases with decreasing advancing speed. The
increase of the maximum dynamic recovery rate 3 with decreasing
advancing speed is thus more effective for decreasing the strength
and strain at necking of the heat affected zone than the dislocation
storage parameter 6 is effective for increasing its strength and strain
at necking.

The tensile properties do not vary with the advancing speed in
the weld center (see Figure 10.2(d,e,f) and 10.3(a,b)) since, in that
region of the weld, the dissolution of the precipitates is complete.

Effect of the rotational speed. Figure 10.4 and 10.5 show the effect
of the rotational speed on the important field variables and parameters
for an advancing speed equal to 200 mm/min. For this low advancing
speed, the rotational speed mainly affects the width of the thermally
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Figure 10.4. Effect of the rotational speed for an advancing speed equal to 200
mm/min on the predicted microstructure and tensile properties as a function of the
position along a transverse weld section at mid-thickness: (a) maximum temperature;
(b) solid solution concentration Chsg; (c) equivalent radius r; (d) yield strength oy;
(e) dynamic recovery rate 3; (f) dislocation storage parameter 6.
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Figure 10.5. Effect of the rotational speed for an advancing speed equal to 200
mm/min on the predicted strength and strain at necking as a function of the position
along a transverse weld section at mid-thickness: (a) true strain at necking e,; (b)
ultimate tensile strength R,,.

affected zone. A slight decrease of the maximum precipitate radius and
a slight increase of the solid solution concentration at minimum yield
strength can be observed when the rotational speed decreases which
causes a slight decrease of the dynamic recovery rate 8 and of the dis-
location storage parameter . The minimum yield strength, strain at
necking and ultimate tensile strain are almost independent of the rota-
tional speed. This analysis is consistent with the general observation
found at several steps of our study that the rotational speed is not a
primary factor of the process except for its effect on the width of the
thermally affected zone.

10.1.2 Prediction of the global tensile properties

Figure 10.6 compares with the experimental results the mechanical
properties of the welds predicted using the complete model chain. Glob-
ally the effect of the advancing speed on the properties is well captured.

Cold welds (i.e. weld pitch larger than 0.7). Figure 10.6(a,b,c,d)
shows that the yield strength, the ultimate tensile strength and the ulti-
mate tensile strain are correctly reproduced for the welds with the high
advancing speeds (i.e. the cold welds). Nevertheless, for these welds,
necking is predicted in the weld center which does not agree with the
experimental observation.

Hot welds (i.e. weld pitch lower than 0.7). Figure 10.6(a,b) shows
that the yield strength of the welds with the low advancing speeds (i.e.
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Figure 10.6. Comparison of the measured and predicted (by the modeling chain)
engineering transverse tensile properties for different advancing speeds for (a,c.e) a
rotational speed of 1000 rpm; (b,d,f) a rotational speed equal to 750 rpm. (a,b) Yield
strength R, and ultimate tensile strength Rp,; (c,d) ultimate tensile strain e,; (e,f)
yield strength R, [MPa] multiplied by the ultimate tensile strain e, (image of the

toughness of the welds).
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Figure 10.7. Comparison of the predicted and measured fracture position as a
function of the weld pitch (ratio of the advancing speed to the rotational speed).

the hot welds) is well predicted. The ultimate tensile strength and the
ultimate tensile strain of these welds are underestimated. For these welds
necking is well predicted in the heat affected zone and on the retreating
side of the weld, like in the experiments. Figure 10.7 shows the predicted
and experimental variation of the fracture position (distance from the
weld centerline) as a function of the weld pitch!. The position of fracture
is determined in the model based on the position where necking starts.
Figure 10.7 shows that the fracture position is predicted slightly too close
to the weld center. The out-of-the-trends effect of the weld pitch for weld
with a rotational speed equal to 500 rpm is difficult to explain.

Toughness indicator. Figure 10.6(e,f) shows a maximum of the tough-
ness indicator R, * e, for an advancing speed of 500 mm/min associated
to the maximum of the ultimate tensile strain for that advancing speed.
Nevertheless, the fact that the fracture position changes between hot and
cold welds might artificially affect this prediction.

Assessment of the damage model using the modeling chain.
For the cold welds necking starts in the weld center. The triaxiality his-
tory in that zone is smaller than in the true fracture zone which would
lead to overestimations of the ductility. Hence, improper prediction of

!The cold welds have not been included in the model results of Figure 10.7 since
fracture is predicted in the weld center for these welds.
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the necking position has a major influence on fracture analysis. Never-
theless, we attempted the modeling. The overestimation of the true
fracture strain is found to be less than 10%. For the hot welds, up to
now, numerical problems do not allow to get converged results. These
numerical problems come from the very limited size of the weakest zone
compared to what was introduced in section 9.2. Hence, deformation
localizes in a very confined zone (one or two finite elements) since too
little finite elements are available in the weak zone for a section reduction
to be predictable. This problem could probably be solved by adaptive
remeshing in the zone of large deformations.

10.2 Discussion

This integrated modeling is not only useful as a predictive tool in
applications, it also improves the understanding of several coupled effects
which could not be explained by treating the phenomena independently.

10.2.1 Precipitation in the weld center

The evolution of the microstructure and of the mechanical proper-
ties in the weld center can be predicted based on the thermal model.
Remember that no thermocouple could be inserted in the weld mechan-
ically affected zone since they would be damaged by the welding pro-
cess. Figure 10.8 shows that, in the weld nugget, the fine precipitates
dissolve (the precipitates density decreases) during heating. When the
friction stir welding tool moves away, the temperature decreases favor-
ing re-precipitation in the weld nugget. Such precipitates have not been
observed by TEM. The predicted very low density and relatively low
equivalent radius could explain why they have not been observed exper-
imentally. Nevertheless, the prediction of the presence of these precipi-
tates in the weld center could be an artifact of the model. Indeed, it has
already been discussed in section 6.1.3 that precipitation of 3" is favored
if germs are available (GP zones in particular). The model does not take
this effect into account and assumes that germs are always available.
The presence of these germs is not obvious during a rapid thermal cycle
at high temperatures.

10.2.2 Zone of deformation localization in cold welds and
effect of natural aging

When the difference in tensile properties (and in particular in ul-
timate tensile strength) between the weld center and the heat affected
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Figure 10.8. Re-precipitation during the cooling cycle in the weld center for two
friction stir welds with rotational speed of 1000 rpm. (a) Temperature cycles as a
function of time, time = 0 at maximum; (b) Equivalent radius as a function of time;
(c) Precipitates total density as a function of time.

zone is smaller, like in the coldest welds (see Figure 10.1(a)), the neck-
ing in a transverse tensile sample is predicted in the weld center rather
than in the heat affected zone like it is experimentally observed. The
reason for this discrepancy is probably that the precipitate radius of the
heat affected zone of these welds was underestimated causing an under-
estimation of the "dislocation lift” effect (i.e. an underestimation of the
dynamic recovery rate ). The large peak in the dynamic recovery rate
[ is the main reason for the lower ultimate tensile strain in the heat af-
fected zone compared to the weld center. Note that we are in a situation
where tiny variations in parameters have a large impact on the predic-
tions. Hence, these predictions do not cast doubts about the model but
only confirms some of its quantitative limitations.

The effect of the solid solution concentration is also fundamental to
understand the difference in the ultimate tensile strength between the
weld center and the heat affected zone. Indeed, once the solid solution
concentration is sufficient for natural aging to occur (i.e. the solid solu-
tion concentration Cps4 exceeds a critical value Cl;yy, ), the yield strength
of the heat affected zone will drastically increase affecting the predicted
value of the ultimate tensile strength. Figure 10.9 shows that the dif-
ference between the ultimate tensile strength of the weld center and the
heat affected zone is largely affected by the value of Cj;,. It is also inter-
esting to note that very low values of Cj;,,, would give barely no difference
between the ultimate tensile strength of the weld center and the heat af-
fected zone. As a side effect, this is a confirmation that the choice of a
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Figure 10.9. Difference in the tensile strength between the weld center and the
heat affected zone as a function of the limit solid solution concentration for natural
aging Ci;.m, for welds with a rotational speed equal to 1000 rpm and various advancing
speeds. The vertical line indicates the value of Cj;,, chosen in this study.

rather high value of Cy;,,, (see section 7.3.2) correctly reflects the behav-
ior of the friction stir welds in 6005A that does present a lower ultimate
tensile strength in the heat affected zone than in the weld center.

10.2.3 Strain hardening capacities of hot welds

Figure 10.6 has shown that the ultimate tensile strength and strain
are underestimated for hot welds. Figure 10.1(b) has shown that the
dynamic recovery rate [ is overestimated in the heat affected zone in
hot welds. Hence, the strain hardening capacity of this zone is slightly
overestimated causing premature necking when subjecting the weld to
transverse tensile testing. Figure 10.10 shows that, for the hottest weld
(200 mm/min and 1000 rpm), increasing the minimum ultimate tensile
strength to the value experimentally measured by the micro-tensile sam-
ples (about 180 MPa) gives a much better prediction of the ultimate
tensile strength of the weld.

10.2.4 Asymmetry

It was shown in chapter 6 (Figure 6.22) that the yield strength of
the retreating side of the weld is lower than the yield strength of the
advancing side of the weld even though the advancing side is the hottest
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Figure 10.10. Effect of increasing the minimum ultimate tensile strength to the
minimum value measured on the micro-tensile samples on the predicted engineering
tensile curve of weld number 3" (200 mm/min and 1000 rpm): (a) corrected dis-
tribution of the ultimate tensile strength R, distribution; (b) consequence on the
engineering tensile curve.

side of the weld. Assembling the models help understanding this aspect
specific to the friction stir welding process. Figure 10.11 presents the
variation of the precipitates radius and volume fraction as well as of
the solid solution concentration at the position where the local yield
strength and ultimate tensile strength are minimum? for both advancing
and retreating sides of the weld as a function of the advancing speed for
two different rotational speeds. Figure 10.11 shows that?:

e 74 < rr. The maximum precipitate radius is slightly larger on
the retreating side than on the advancing side of the weld. This
difference is equal to only 0.1 nm. This gives an advancing side of
the weld slightly stronger than the retreating side of the weld.

o Crga > Cugr. The solid solution concentration Chyy is slightly
higher on the advancing side of the weld than on the retreating
side of the weld. The contribution of the solid solution to the yield
strength (called ogs in chapter 7) is thus larger on the advancing
side than on the retreating side of the weld. The higher solid so-
lution concentration on the advancing side of the weld also favors

2Generally speaking, these two minimum are at the same distance from the weld
centerline but the calibration of the curves has been made on the ultimate tensile
strength minimum. The positions of the precipitate radius maximum are also quite
close to the yield strength and ultimate tensile strength minimum.

3The subscript A and R correspond to the values respectively on the Advancing
side of the weld and on the Retreating side of the weld.
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Figure 10.11. Effect of the advancing speed on (a,b) the maximum radius of preci-
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natural aging if the limit solid solution concentration for natural
aging C;, is reached in the weakest zone of the weld (it is the case
for cold welds). Another effect of a high solid solution concentra-
tion is to increase the capacity to dynamic precipitation, providing
also an advancing side stronger than the retreating side.

o fua < fur. The volume fraction of precipitates is slightly larger
on the retreating side of the weld than on the advancing side of
the weld. This gives a retreating side of the weld stronger than the
advancing side of the weld.

As a conclusion, the weakest side of the weld results from a competition
between minute differences in the contributions to the strengthening ef-
fects which explains that apparently contradictory results are published
in the literature. It is important to note that the differences between the
advancing side of the weld and the retreating side of the weld remain a
second order effect compared to the effect of the advancing speed also
shown in Figure 10.11.

Figure 10.12 presents the variation of the minimum yield strength, the
true strain at necking at the transverse position where the ultimate ten-
sile strength is minimum and the minimum ultimate tensile strength as a
function of the advancing speed for two different rotational speeds. The
true strain at necking is the only tensile property that is systematically
slightly higher on the advancing side of the weld than on the retreating
side of the weld*. The predicted fracture position of hot welds is on
the retreating side of the weld and for these welds the ultimate tensile
strength is very slightly lower on that side.

Finally, it should be noted that the competition between the two sides
of the weld regarding fracture is probably also affected by the presence
of residual stress and the asymmetry in their distribution. Figure 10.13
shows the result of the ”cut compliance method” used to measure the
residual stresses in the longitudinal direction that V. Pierard [107]| has
applied to measure the residual stresses of weld number ”5”. The residual
stresses in the longitudinal direction are higher on the retreating side of
the weld for that weld extensively studied in this thesis. Even tough the
residual stresses are generally largely reduced when machining the tensile
samples, remnant residual stresses could favor fracture on the retreating

AThis effect cannot be confirmed by our experimental results since premature
necking was systematically observed in the micro-tensile samples.
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Figure 10.12. Effect of the advancing speed on the (a,b) minimum yield strength
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side of the weld when subjecting a friction stir weld to transverse tensile
loading.

10.3 Conclusion

In this chapter the models presented in part II and III of this thesis
have been assembled. Encouraging results have been found. In partic-
ular, the models allowed a better understanding of the asymmetry of
friction stir welds and the reason why fracture of friction stir welds oc-
cur on the retreating side of the weld. The prediction of re-precipitation
in the weld center needs experimental confirmation. Natural aging, and
in particular the limit solid solution concentration for natural aging, has
been shown to tremendously affect the localization process when sub-
jecting a friction stir weld to transverse tensile loading.
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Conclusions

The Friction stir welding process gives high quality welds. Hence,
there has been a growing interest for this process over the last 15 years
in all areas of industry. Nevertheless, many aspects of the process are
still poorly understood and require further studies in order to favor new
applications.

11.1 Guidelines

This thesis has been divided in three main parts reflecting the steps
required for bridging the process parameters to the end-use tensile pro-
perties of friction stir welds!.

e Part II presented the thermal and mechanical cycles that the
material overcomes during the welding process. A thermal model
including material convection was developed and assessed in order
to relate the welding parameters to the thermal cycles.

e Part III presented the local microstructures and mechanical pro-
perties of the different zones of a friction stir weld. After a com-
plete characterization of the base material and the welds, a mi-
crostructure evolution model and a yield strength evolution model
have been presented and validated. The third chapter of part III
proposed a novel model generalizing the classical Kocks-Mecking-
Estrin model for the prediction of strain hardening. In particu-
lar, we have introduced the effect of dynamic precipitation, of the
reduced efficiency of Orowan loop storage in the case of precipi-
tates coherent with the matrix and of the so-called ”dislocation

'Part I was devoted to the introduction, background, experimental methods and
base material presentation.
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lift” phenomenon in order to improve the description of the strain
hardening behavior. These effects have been described by analyti-
cal expressions. More than its interest for the present application
as friction stir welds, this model contributes in general to a better
understanding of the strain hardening of aluminum alloys.

e Part IV presented a model for predicting the tensile behavior
of friction stir welds when subjected to transverse tensile loading
from the local properties measured by micro-tensile samples. A
damage model is also presented in the first chapter of part III. The
complete model chain is then assessed for a wide variety of welding
conditions.

Through complete experimental characterization and physically based
multiscale and multiphysics models, this study has allowed improved un-
derstanding and the building of a predictive scheme of the behavior of
friction stir welds, in a specific application to aluminum alloy 6005A.

11.2 Specific contributions to the understanding
of the behavior of friction stir welds

Importance of the backing plate. The thermal model has enlighten
the importance of the backing plate on the cooling of the workpiece. A
good contact between the workpiece and the backing plate under the tool
and a worst contact behind the tool is needed to accurately reproduce
the temperature measurements during welding.

Heat generation during the welding process. Based on thermo-
couple measurements for a wide variety of welding conditions and the
maximum temperature predicted at the hottest point, the thermal model
of this study has shown that heat is probably mainly generated within
a small surface layer surrounding the tool. Nevertheless, modeling heat
generation only by friction (i.e surface heat sources) without introducing
the effect of material flow leads to unrealistic predictions of the max-
imum temperature reached at the hottest point. Introducing material
flow through a very simple assumed velocity field is efficient in leading
to satisfactory predictions of the thermal cycles during welding.

0 precipitates evolution. The 3 precipitates and its meta-stable pre-
cursors are largely affected by the thermal cycles during welding.
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e The base material fine precipitates (3”) are largely affected by the
thermal cycles with dissolution of these precipitates in the heat
affected zone even at the beginning of the hardness drop zone which
is not discussed in literature.

e Indications of the precipitation of the § phase in the weld center
have been found.

Importance of strain hardening on the transverse tensile behav-
ior of the welds. The weld center is stronger than the heat affected
zone of a friction stir weld even though the yield strength of these diffe-
rent zones are similar (especially for high advancing speed welds). The
strain hardening model has allowed explaining the low strain hardening
capacity of the heat affected zone due to the high local dynamic recovery
rate (related to the "dislocation lift” effect) and by the low dislocation
storage level (related to un-efficient storage of Orowan loops for medium
precipitate radii). Conversely, the weld center has a higher strain harde-
ning capacity than the heat affected zone due to dynamic precipitation
which artificially increases the dislocation storage rate. Hence, fracture
of transverse tensile samples occurs in the heat affected zone for all the
friction stir welds. Nevertheless, the localization process in the heat af-
fected zone is delayed in cold welds due to the smaller differences in
strength between the weld center and the heat affected zone compared
to that observed in very hot welds.

Natural aging effect on friction stir welds in aluminum alloy
6005A. In aluminum alloy 6005A, a high solid solution concentration
is needed for natural aging to proceed probably due to the low copper
content of the alloy. Hence, no natural aging occurs in the hardness drop
zone of a friction stir weld. The consequence of the absence of natural
aging in that region of the weld is to decrease the strength where it is
already minimum and to favor the localization of deformation in the heat
affected zone under transverse tensile loading.

Effect of the welding conditions on the behavior of friction stir
welds. The advancing speed plays a more important role in the weld
local properties than the rotational speed at least in the range of welding
conditions of this study.

e The heating and cooling rate decrease with increasing advancing
speed and are almost not affected by the rotational speed. These
heating and cooling rates are essential to the evolution of the
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mechanical properties of the heat affected zone (the weakest zone of
the weld). Indeed, the microstructure evolution model has shown
that the maximum radius increases if the cooling rate decreases.

e The volume fraction of precipitates at minimum hardness is much
higher for low advancing speed welds and seems only weakly af-
fected by the rotational speed. The volume fraction of precipitates
in the minimum hardness zone tremendously affects the capacity
for weld property improvement trough post-welding aging (includ-
ing natural aging).

The power input, equal to the total heat input during the process, in-
creases with increasing advancing speed and is only weakly affected by
the rotational speed. The joint efficiency (ratio of the ultimate tensile
strength of the weld to the ultimate tensile strength of the base mater-
ial) increases with increasing advancing and increasing rotational speeds.
As a consequence, the weld pitch (ratio of the advancing speed to the
rotational speed), often used as the unique parameter for describing the
friction stir welding process, is certainly not the sole parameter to con-
sider. The only observations that correlate well with the weld pitch, are
the maximum temperature away from the centerline and the fracture
position of a transverse tensile sample of a weld (linked to the thermally
affected zone width).

Asymmetry of the friction stir welds. The fact that the advancing
side of the weld is generally hotter than the retreating side of the weld
has been explained by a material convection effect. Even if the advan-
cing side of the weld is hotter, the retreating side is the weakest side of
the weld and is the side where fracture of a transverse tensile sample
will always occur. The full model predicts a competition between diffe-
rent strengthening effects (i.e. precipitation strengthening and the solid
solution strengthening), which, for many welding conditions, causes the
retreating side to be the weakest side of the weld.

Optimal welding conditions. Indications of a maximum of the tough-
ness of the welds (the yield strength multiplied by the ultimate tensile
strain) has been found for an advancing speed equal to 500 mm/min
and a rotational speed equal to 750 rpm. These conditions do not corre-
spond to a maximum joint efficiency since the joint efficiency increases
with increasing advancing speed and rotational speed. Hence, we go back
to one statement of the introduction of this thesis: high welding speeds
should not be in conflict with the quality of the welds produced... but,
compromises can be found.
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11.3 Perspectives

It would be of great interest to extend the present study to the fol-
lowing aspects.

Welding forces and torque evolution. The effect of the welding
parameters on the welding forces and torque has been qualitatively dis-
cussed in this study based on our measurements. It has been shown
that the power input is mainly affected by the advancing speed. Our
results have been confronted to literature but no model has been devel-
oped to predict the welding forces and torque. Further understanding
and predicting these effect is certainly of great interest.

Contact conditions between the workpiece and the backing
plate. Since thermal contact have an essential influence on the thermal
cycles, there is a need for further understanding the contact conditions
prevailing during the friction stir welding process. Indeed, no clear ex-
planation of why the thermal model overestimates the temperature in
the backing plate can be given at this stage. More temperature mea-
surements in the backing plate could be suggested as a way to address
this point.

Material flow visualization and modeling. Concerning flow visu-
alization, the « particles have been shown to be broken up by the large
deformations in the weld center and to follow the direction of the marks
left by the tool on the top surface of a weld. Hence, studying the distri-
bution of these particles could be a way to better understand the flow
patterns in the thermomechanically affected zone as has already been
addressed by Sutton et al. [130]. Concerning the flow modeling, a crit-
ical step in the improvement of the current thermal model would be to
predict the velocity field rather than assume a simple distribution of that
field. This could be first done by assuming that the material behaves as
a viscous fluid.

Predicted re-precipitation in the weld center. The microstruc-
ture evolution model predicts that fine precipitates are formed in the weld
center when the weld cools down. No evidences of this re-precipitation
have been found in the microstructure characterization. This point needs
either confirmation or eventually calls for better capturing the precipi-
tate nucleation stage (from GP zones) with the microstructure model.
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Need for heat treated samples precipitates characterization.
The strain hardening model parameters have been identified based on
the predictions of the microstructure evolution model since TEM obser-
vations and image analysis were too time consuming. In order to support
the strain hardening model calibration and validation, small angle X-ray
scattering (SAXS) measurements on heat treated samples could be sug-
gested as a way to assess experimentally the fine precipitates evolution
with heat treatment time.

Applying the models to other alloys. The full modeling chain has
been validated on a specific aluminum alloy (i.e. the aluminum alloy
6005A). It would be interesting to validate this modeling chain on a
wider range of materials keeping in mind that the microstructure evo-
lution model is valid only for materials which involve homogeneous pre-
cipitation. Nevertheless, solutions for taking heterogeneous precipitation
into account can be found in the literature [50].

Effect of the residual stresses. The residual stresses of our fric-
tion stir welds have been measured in a parallel study [107] by the
"cut compliance” method. Predicting and understanding the influence
of these residual stresses on the global behavior of a friction stir weld
would be useful for the industrial application of the process.

Applying the damage model as a part of the modeling chain.
The damage model could not be applied when assembling all the mod-
els due to numerical convergence difficulties related to steep properties
gradient and problem with mesh refinement. Adaptive re-meshing could
certainly help solving that problem.

Effect of § precipitation in the weld center on its true frac-
ture strain. Differential scanning calorimetry and post-welding heat
treatment results gave hint that a precipitation of 5(MgsSi) occurs in the
weld center. This precipitation has no effect on the true fracture strain of
classical friction stir welds since fracture occurs in the heat affected zone
which is not concerned by 3 precipitation. Nevertheless, the effect of this
precipitation on the true fracture strain of the nugget would certainly
be interesting to understand in the perspective of friction stir processing
(i.e. new process that aims at giving to a material the properties of the
weld nugget).
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Effect of the dispersoid precipitation on the true fracture strain.
Gallais et al. [50, 51] have shown that dispersoids can play an important
role in the fracture of aluminum alloys. The density of dispersoids of the
6005A aluminum alloy is much lower than that of the 6056 alloy studied
by Gallais et al. which probably justifies the fact that dispersoids do not
play a dominant role in the damage mechanism of the 6005A aluminum
alloy. Determining the limiting dispersoids density that start to affect
the damage mechanism of aluminum alloys would certainly be of great
interest in materials optimization.
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