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Abstract

The non-linear deformation and fracture of the RTM6 resin is characterized as a function of strain
rate and temperature under various loading conditions involving uniaxial tension, notched ten-
sion, uniaxial compression, torsion and shear. The RTM6 resin is heavily used in the aeronautic
industry as the matrix for advanced composites and is representative of this class of highly-
crosslinked thermoset systems. A Drucker-Prager pressure-dependent constitutive model is built
with a specific hardening law inspired from finite strain elastic-viscoplastic models for ther-
moplastics. The parameters of the hardening law depend on strain-rate and temperature. The
pressure-dependence and hardening law, as well as four different failure criteria are identified
against the experimental results. The constitutive model and a plastic strain at failure criterion
are readily introduced in the standard version of Abaqus, without the need for coding user sub-
routines. The model is successfully assessed against results of progressive failure in V-notched
beam shear test. Besides, detailed fractography analysis provide insight into the competition
between shear yielding and maximum principal stress driven brittle failure.

Keywords: RTM6, highly crosslinked epoxy resin, elasto-viscoplasticity, fracture criterion,
constitutive modeling, aerospace composite

1. Introduction

Multi-scale mechanical modeling approaches require reliable constitutive models and failure
criteria for the constituents as well as accurate experimental data for parameter identification
in order to reach the highest possible predictive capability, for stress analyses, in the frame of
virtual testing of complex composite systems, or for the purpose of designing new hybrid mate-
rials [Canal et al., 2012]. High performance adhesives and polymer composites constitute two
important families of hybrid systems, among which many rely on widespread thermoset epoxy
resins. Two main classes of epoxies have been studied in the literature, from both mechanical
characterization and modeling standpoints:
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o The largest part of the literature focuses on moderately crosslinked ductile epoxies, based
on a difunctional precursor such a diglicidyl ether of bisphenol A or DGEBA and tetrafunc-
tional, mostly amine, hardener. They are very much used, blended with other constituents,
for structural adhesive applications.

o A more limited part of the literature is dedicated to the characterization and modeling of
the deformation and failure behavior of highly crosslinked epoxies such as RTM6, based
on tetrafunctional precursor and (amine) hardener.
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Figure 1: The four deformations stages of an amorphous glassy polymer: stage I - elastic-viscoelastic deformation; stage
II - onset of plastic flow; stage III - strain softening; stage IV - strain-hardening.

The stress-strain response of these epoxies is similar to that of amorphous glassy thermoplas-
tics. Depending on the loading conditions (strain rate, temperature, stress triaxiality), amorphous
glassy polymers hence the RTM6 exhibit four different deformation stages, as illustrated in Fig.1.

First, the response is elastic-viscoelastic (stage 1), where the deformation is mainly due to
secondary intermolecular interactions [Meijer and Govaert, 2005]. As the viscoelastic compo-
nent increases with time, the curve slowly and slightly departs from linearity. This small strain
region can be significantly affected by strain-rate and temperature.

Second, the yield process starts and plastic flow sets in (stage II), as the activation barrier
to main chain segmental motion is overcome. That yield transient is very much affected by
strain-rate, temperature and hydrostatic pressure, see e.g. Eyring’s theory [Eyring, 1936; Ree
and Eyring, 1955] of transition of state, or Argon’s thermally-mechanically activated double-
kink mechanism [Argon, 1973; Argon and Bessonov, 1977], as well as by the thermo-mechanical
history of the polymer, related to physical aging (increase) or mechanical rejuvenation (decrease)
[Govaert et al., 2000; Klompen et al., 2005; Meijer and Govaert, 2005; Tervoort et al., 1996].

Third, and closely following the yield point, softening occurs due to large inter-molecular
movement (stage III). The origin of softening is still subject to debate. When strain-localization
/ macroscopic shear banding is allowed to occur due to the specimen geometry and boundary
conditions, softening can obviously take place; if re-hardening takes places, shear bands thicken
and the sample re-hardens as a whole, if not the specimen fails. In other circumstances, where
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no shear banding is extrinsically triggered, it is now admitted that micro-shear banding can occur
as a true material feature. The kinetics of initiation, growth and coalescence of shearing zones
determine the yield drop and softening rate [Hasan and Boyce, 1995; Homer and Schuh, 2009;
Marano and Rink, 2001; Oleynik, 1989; Quinson et al., 1996; Sindt et al., 1996]. Both the onset
of yielding and the softening stage are believed to be associated with free-volume rearrangement
[Hasan et al., 1993; Jatin et al., 2013; Struik, 1991].

Fourth and finally, rubber-like elastic response of the network starts to prevail at large strains
through chain reorientation [G’Sell and Gopez, 1985; Sindt et al., 1996] balanced by the fact that
only limited stretch ratios can be achieved in highly cross-linked thermosets. This phenomenon
is called strain re-hardening (stage IV) and results from the entropic resistance to the alignment
of the molecular network. It is thus most of the time deemed independent of prior thermo-
mechanical history but can be much affected by the cross-links density [Senden et al., 2010],
and, in a lesser extent by temperature and rate [Govaert et al., 2008].

This behavior has been largely reported for thermoplastic polymers (e.g. PMMA and PC)
loaded in compression, shear or tension up to very large fracture strains. Hence, there is a huge
literature on the joint thermal-mechanical characterization and finite strain elastic-viscoplastic
constitutive modeling of the strain-rate, temperature and pressure sensitive response of glassy
polymers up to very large deformations [Boyce et al., 1988; Haward and Thackray, 1968; Ter-
voort and Govaert, 1998].

Large fracture strains are also attained in moderately and highly crosslinked epoxies loaded
in uniaxial compression. Unlike RTM6 which fail prematurely for any other loading than com-
pression, moderately crosslinked epoxies can still exhibit some ductility in shear and tension.
However, while the macroscopic response of RTM6 loaded in compression exhibits many sim-
ilarities with glassy thermoplastics loaded in tension or compression, which suggest that the
fundamental origins of plastic flow, softening and re-hardening are identical in both types of
polymers [Yamini and Young, 1980]. However, no similarities in terms of progressive damage
mechanisms (e.g. crazing) have ever been reported [Asp et al., 1996].

Most researches dealing with the characterization and modeling of thermoset epoxy resins
cover only part of the triangle “strain-rate - temperature - pressure” sensitivity of the relationship
between stress and strain. Besides, some works are dealing only with the characterization of the
strain-rate, temperature and pressure dependence of the peak yield or of the onset of yielding
(e.g. [GOémez-del Rio and Rodriguez, 2012; Sindt et al., 1996]), while others cover the full range
of deformation, including softening and re-hardening when these stages are actually observed
[Poulain et al., 2014, 2013]. Moreover, most studies focusing on the non-linear behavior of the
resin do not address the problem of final failure, and vice-et-versa. An interesting common point
to several researches is the characterization and modeling of the competition between shear yield-
ing related with fundamental intrinsic shear deformation mechanisms [Hasan and Boyce, 1995;
Sindt et al., 1996], and micro-cavitation occurring mainly in the presence of positive hydrostatic
stress and/or positive maximum principal stress [Asp et al., 1996; Fiedler et al., 2001, 2005;
Hobbiebrunken and Fiedler, 2007; Liang and Liechti, 1996].

However, very few studies are dedicated to the detailed modeling of the deformation and
failure of the structural RTM6 epoxy resin itself. Nevertheless, it is worth mentioning the work
by Gerlach et al. [Gerlach et al., 2008] in which the RTM6 was tested at room temperature both
in compression and tension under impact loading, covering about 6 decades of strain rates. Their
results showed the bilinear dependence of the peak-yield stress on the log of the strain rate, with
a slope transition between ‘quasi-static’ and impact loadings. The experiment results revealed
also the strong dependence of the apparent Young’s modulus on the strain rate, with again a
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transition between ‘quasi-static’ and impact regimes. This strongly rate dependent behaviour
of RTM6 was modeled (up to the peak yield) using the Goldberg elastic-viscoplastic model
[Goldberg et al., 2003], also accounting for effects of the hydrostatic pressure. In [Fiedler et al.,
2005], Hobbiebruken et al. characterized the RTM6 epoxy resin in uniaxial tension at different
temperatures and and at a single, low, strain-rate. A strong dependence of the yield stress, failure
stress and failure strain on the temperature was found. Shear yielding was found to occur at
high temperatures while a premature brittle behavior was observed at lower temperatures. A Von
Mises yield surface and associated flow rule were used, with simple rate independent hardening
law fitted to the experimental curves at the different temperatures. One of the salient facts of their
study was the strong effect of the resin non-linearity on the resulting composite thermal residual
stress.

There is a growing demand for better mechanical characterization of structural epoxies com-
ing from experts in modeling as well as from materials designers and engineers dealing with
the stress analysis of composites. Therefore, a large characterization and modeling effort has
been carried out in this work on the highly crosslinked RTM6 structural epoxy resin by Hex-
cel corp. The first aim of this research is to lead to a better understanding of the competition
between thermally as well as stress activated shear-dominated (visco-)plastic deformation and
micro-cavitation-induced brittle failure. The second outcome of this study is to provide the
community with a carefully assessed strain-rate, temperature and pressure sensitive constitutive
model and a pressure-dependent failure criterion (the latter at room temperature only) for the
RTMG6 resin involving the set of identified parameters. The models are ready for use ’as is’ in
most commercial general purpose finite element software, and in particular in Abaqus [V6.12].
On the one hand, the proposed constitutive model lacks the generic character of finite strain
elastic-viscoplastic constitutive models developed and identified for instance by [Poulain et al.,
2014] on epoxy, [Anand et al., 2009; Anand and Gurtin, 2003; Boyce et al., 1988; Gearing and
Anand, 2004; Hasan and Boyce, 1995; Tervoort and Govaert, 1998] on PC or PMMA. On the
other hand, it shows greater applicability and ease of use for engineers and researchers, avoiding
the need for user material subroutines.

The paper is organized as follows. Section 2 presents the materials and manufacturing con-
ditions of the test samples; section 3 describes all the mechanical tests. Section 4 presents the
experimental results (compression, tension, torsion) that will be used for the identification and
preliminary assessment of the constitutive model, as well as a detailed fracture analysis after
the different mechanical tests. Section 5 explains the ingredients of the non-linear constitutive
model, its identification against experimental results and its validation. Section 6 presents a se-
lection of failure criteria, their identification and validation. Section 7 contains a first critical full
assessment of the deformation and failure model by comparison of FE simulation results and
experimental data for the V-notch beam (Iosipescu) test. Final conclusions and future work are
described in section 8.

2. Materials

Hexflow RTM6, supplied by Hexcel, is a mono-component epoxy resin specifically devel-
oped to fulfill the requirements of the aeronautics and space industries regarding advanced resin
transfer moulding processes. This amine-cured highly cross-linked thermoset is composed of
a premixed system [Dumont, 2013; Kiuna et al., 2002] of a tetra-functional epoxide precursor
(Tetra-glycidyl methylene dianiline or TGMDA) and a blend of two di-amine hardeners (MDEA
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and MMIPA). RTM6 shows good process-ability through a convenient injection window for in-
dustrial use.

After curing, RTM6 has a glass transition temperature (7,) around 220°C, determined by
differential scanning calorimetry (DSC) and dynamic mechanical analysis testing (DMA), thus
providing high stiffness (E = 3 [GPa] at room temperature) and good thermal stability properties
with a service temperature ranging from —60°C to 180°C.

A specific cure cycle was developed in order to manufacture thick resin slabs and cylinders
with a minimum of 95% degree of conversion while avoiding resin degradation in the core of the
specimen. Hence, a large variety of test specimens was manufactured with reproducible thermal-
mechanical history and consistent thermal-mechanical properties. The uncured resin mixture is
first poured in open release-agent coated molds and degassed for 75 min at 90°C under vacuum.
Then, in an air-circulated oven, the applied curing cycle uses a 2°C/min heating ramp to 130°C,
3 hdwell at 130°C, 2°C/min heating to 180°C and finally 3 & of post-curing at 180°C to achieve
the expected degree of conversion. The reproducibility of the materials condition after curing
was verified in several locations of the specimens obtained in the different molds by measuring
the residual reaction enthalpy with alternating DSC, confirming that a degree of cure between
95% and 97% could be achieved.

3. Mechanical testing

3.1. Samples and methods

Cylindrical resin slabs were machined into small cylindrical specimens for uniaxial com-
pression tests and into cylindrical dog bone specimens for the uniaxial tensile tests. Notched
tensile specimens were prepared by machining the cylindrical dog bone specimen with different
notch radii. Larger cylindrical slabs were produced in order to machine hollow torsion specimen.
V-notched beam specimens were obtained from rectangular slabs. The different specimens are
shown in Fig.2, the dimensions and standards that have been followed are provided in Table 1.

Figure 2: Bulk resin samples for mechanical testing. Top-left: cylindrical samples for uniaxial compression testing; top-
right: dog-bone specimen for uniaxial tension (note: notched specimen were also manufactured); bottom-left: hollow
tubular sample for torsion testing; bottom-right: V-notch beam specimen for model assessment.

The compression, tension, notched tension and V-notch beam tests were carried out on a
screw-driven universal testing machine (Zwick-Roell with an external load cell of 250 [kN]).
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Type of test International | Length [mm] | Diameter Notch radius
standard [mm] [mm]
Uniaxial com- || ASTM D695 | 12 12 -
pression
Uniaxial com- || ISO604 6 12 -
pression testing
sensitivity  to
friction
Uniaxial ten- || ASTM D638 | 36 (gauge | 6 -
sion (Small length)
specimen)
Uniaxial ten- || ASTM D638 | 50 (gauge | 9 -
sion (Large length)
specimen)
Notched ten- || - 50 (gauge | 9  (original | 1,3,5
sion length) diameter) and
4 (section
diameter in
the notch)
Torsion - 12 (gauge | 16 (outer | -
length) diameter)
and 12 (inner
diameter)
Tosipescu ASTM D5379 | 80  (length) | 4 (thickness) v-notch of

and 20
(height)

90° opening
angle with
end-radius of
1.5

Table 1: Summary of dimensions and corresponding inspirational standards for all tested specimens.




The torsion tests were performed on a hydraulic axial-torsion machine MTS 000337/002280
Type 319-25C with 250 [kN] load cell. The tests were performed in a conditioned room with
controlled temperature (23°C + / — 3°C) and relative humidity (50% + / — 10%). The target
temperature and relative humidity are selected according to ASTM D3479.

The compression tests were performed either at constant true strain rate (CSR) or at constant
crosshead displacement rate (CCDR) covering 4 decades of strain rates (between 10* 57! and
0.1s7" for the CSR tests and between ~ 1.65107* 57! and ~ 0.165s~! for the CCDR tests).
Teflon strips were used as solid lubricant between the compression platens and the samples in
order to minimize the barreling effect. Compared with any other liquid lubricant (e.g. grease
oil), Teflon really allowed avoiding the development of specimen barreling. All the compression
tests were performed at three different temperatures: room temperature ~ 20°C (293 K), 100°C
(373 K) and 150°C (423 K). The axial strain was obtained from the crosshead displacement,
corrected in order to account for the so-called machine compliance. The absence of friction and
shear-banding or localization allows the use of the experimental results for the construction of
reliable true-stress / true-strain curves. At room temperature, on a subset of compression samples,
the radial strain is measured either by using a LVDT or by analysis of images taken from videos
of the tests, allowing for the estimation of the plastic Poisson ratio.

The behavior in tension has been characterized either at a constant true strain rate of 1073 57!
(CSR tests) or at a constant crosshead displacement rate of 1 mm/min (CCDR tests). The CSR
tests were performed at room temperature only, while the CCDR tests were performed at room
temperature ~ 20°C (293 K), 100°C (373 K) and 150°C (423 K). The axial strain was measured
using contact extensometers in the gauge length. Above 100°C, localization occurred in a subset
of specimen which would ideally require the use of digital image correlation for adequate post
processing of the strains in the gauge length. However the option taken was to exclude these
specimens out of the database for the identification of the constitutive model.

The response of the notched tensile specimens, with the 3 different radii, has been character-
ized at a constant crosshead displacement rate of 1mm/min, at room temperature only. The radial
displacement in the notch was measured using a strictometer (LVDT).

The torsion tests were conducted at room temperature and under a single rotation rate of
7° /min. Three-element 45° rectangular rosette strain gauges were bonded onto the torsion spec-
imen surface to measure the shear strain in the gauge section. Such strain gauges cannot operate
above 10-15% of strain, therefore a correlation was used between the measured value of shear
strain (with the strain gauge) and the applied rotation angle in order to get a reliable estimation of
larger shear strain. The large majority of the tests failed before shear-banding could be observed,
making these tests eligible for the identification of the parameters of a constitutive model.

The V-notched beam tests were conducted at room temperature only, with a single crosshead
displacement rate of 1 mm/min. Back to back bidirectional strain gauges were bonded onto the
specimen surface between the notch roots at 45° with respect to the horizontal axis, in order to
measure the local maximum and minimum principal strains, translated into shear strain.

A minimum of three valid test results are available for each condition, except for the constant
crosshead displacement rate compression tests, where, beside the 1 mm/min case where six valid
tests results are available, only one or two samples could be tested. The constant true strain rate
tests were performed with a single batch of resin. Samples taken from several batches were used
to conduct the other tests. Note that the variability within a batch is very limited (except for what
concerns the failure stress and strain, see below) while significant batch to batch variability can
be observed for most of the measured mechanical properties.
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3.2. Note on the determination of a representative strain rate

None of the constant true strain rate or the constant crosshead displacement rate test con-
ditions lead to a constant true plastic strain rate over the entire deformation range. However,
when assessing the non-linear deformation behavior of materials, comparison between harden-
ing curves is meaningful only when similar equivalent plastic strain evolutions are encountered
in the different tests, e.g. the authors of [Liang and Liechti, 1996] invoke differences of strain-
rate between different tests to explain certain inconsistencies of hierarchy of yield strengths (e.g.
peak yield) between different types of tests. Therefore, two measures of the average equivalent
plastic strain rate are used which allow to rigorously compare the strain-rate sensitivity of the
materials: a ’low-range’ or small strain average (plastic strain below 0.07) and a ’full-range’ or
large strain average (up to 0.7). When premature failure of the specimen is observed before the
plastic strain is reaching 0.07, the plastic strain evolution is extrapolated up to 0.07 in such a way
as to mimic the response of a compression or torsion test, providing an estimation of the low-
range plastic strain rate average. Besides, thorough examination of the compression tests showed
that the full-range average is about 3/2 of the low-range average, providing also an estimation of
the full-range average plastic strain rate for specimen that do not exhibit large ductility.

Here is a summary of how these plastic strain rate averages are used:

e when comparing compression tests between them, the full-range plastic strain rate average
is available and used;

e when comparing tensile tests between them, the low-range plastic strain rate average is
used, either based on the available data or estimated by extrapolation up to 0.07;

o when comparing different types of tests, the full-range plastic strain rate average is used,
either based on available data (for compression tests) or on estimations by extrapolation.
4. Experimental results

The mechanical response of the RTM6 will be presented under the form of ‘true stress - true
strain’ or ‘true stress - true plastic strain’ curves. These curves will be carefully analyzed in terms
of remarkable features and/or points as illustrated in Fig.1 :

o the elastic modulus £

o the yield stress at a 0.2% plastic strain oy, ,,,

o the peak yield stress and plastic strain at peak yield py
o the lower yield stress o,

o the failure stress and plastic strain at failure pp.

The other data such as the plastic strain at the lower yield level p;, or the incremental strain-
hardening coeflicient at an intermediate plastic strain pg in the fourth stage of deformation will
not be addressed in details although they can be used to help identifying the hardening law.



4.1. Strain-rate, temperature and pressure dependence

The variation of the elastic modulus in compression as a function of the plastic strain rates
are shown in Fig.3 a) and b) for various temperatures. The temperature dependence of the elastic
modulus in tension is shown in Fig.3. Note that the compressive and tensile CSR tests were
made with the same batch of resin while the CCDR compressive and tensile tests were performed
with samples coming from different batches, but without samples coming from the ‘CSR batch’.
As a result, batch to batch variability of modulus of 10 to 15% can be observed, whatever the
temperature.
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Figure 3: Measured temperature and strain-rate dependence of the Young’s modulus in a) compression with Constant
Strain Rate (CSR) tests on a single batch, b) compression with Constant Crosshead Displacement Rate (CCDR) tests and
multiple batches, ¢) tension under both CSR (single-batch) and CCDR (multi-batch) test conditions.

Compression tests results at constant true strain rate and constant crosshead displacement rate
are shown in Fig.4 a) and b), respectively. Tensile test results at constant crosshead displacement
rate are shown in Fig.4 c). Not all but only representative true stress- true strain curves are
shown in these figures. The tensile curves obtained at constant true strain rate are not shown
as sliding within the grips was observed; although the tests had to be invalidated, the measured
elastic moduli and corrected failures stress were consistent and thus kept in the database. In
Fig.4 c) the low and full-range averages of the true plastic strain rate are shown for information.
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Figure 4: Representative uniaxial true stress versus uniaxial true plastic strain curves for three temperatures (293K, 373K,
423K) in a) compression with constant true strain rate tests (from 10~ to 10~! 1/s) and a single batch, b) compression
with constant crosshead displacement rate (from 0.1 to 100 mm/min) and multiple batches, c) tension with constant
crosshead displacement rate (the estimated average plastic strain rates are also provided). Note: tensile tests conducted
at constant strain rate were partially invalidated due to sliding in the grips and are not shown (only the elastic modulus &
corrected final failure stress were kept in the database).

The comparison of Fig.4 a) and b) reveals that there is a 50 [MPa] and a 0.1 drop of failure
stress and plastic strain at failure, respectively, for the constant true strain rate tests conducted
at room temperature. No other explanation than the batch/operator variability can be given to
explain this difference. The Poisson ratio the plastic Poisson ratio were measured on a subset of
uniaxial compression tests, giving average values equal to ~ 0.34 and = 0.5 (minimum value:
0.48, maximum 0.51), respectively. The latter suggests that plastic deformation is isochoric.
Fig.5 illustrates the strain-rate and temperature dependence of the characteristic strength val-
ues defined in Figure 1 for the uniaxial compression tests. Batch to batch variability of up to
10% can be observed for the 0.2%yield, the peak yield and the lower yield stresses, whatever the
strain-rate and temperature. In Fig.5 a), b) and c), the stress varies linearly with the logarithm
of the true plastic strain rate. The range of strain-rates addressed in this paper does not allow to
observe a transition from quasi-static to dynamic regimes such as observed by Gerlach et al. in
10
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Figure 5: Evolution of the remarkable true stress values: a) 0.2% plastic strain yield stress, b) peak yield stress, c) lower
yield stress, d) failure stress.

[Gerlach et al., 2008]. Fig.5 d) suggests that the failure stress in compression is rather insensitive
to plastic strain rate, and also shows, in general; a large variability.

To complement the analysis of the strain-rate and temperature dependence of the uniaxial
compression stress-strain curve, Fig.6 a) and b) also show the evolution of the plastic strain at
peak yield and plastic strain at failure, respectively. Both look rather insensitive to strain-rate,
and, when considering the CSR tensile tests at RT as outliers, the plastic strain at failure is almost
independent of temperature.

A comparison of representative Von Mises stress - effective plastic strain curves determined
based on the compression, tension and torsion tests is shown in Fig.7, where the estimated aver-
age plastic strain rates are also indicated. In this figure, the effect of an error in the estimation
of the average plastic strain rate on the stress-strain curve is shown, anticipatively using the
constitutive model presented in the next sections. In particular, it highlights the fact that a cor-
rect estimation of the plastic strain rate is important when dealing with the identification of the
asymmetry of yielding between tension and compression.

Finally, the pressure and temperature dependence of the Von Mises stress and effective plastic
strain at failure are shown in Fig.8 a) to ¢) In these figures, the x-axis is the stress triaxiality
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Figure 7: Representative ‘Effective (Von Mises) stress versus Equivalent plastic strain curve’ for the different types of
loadings (compression, tension, torsion). Also shown: the estimations of the ‘low-range’ and ‘full-range’ effective plastic
strain rates.

computed as
_ Omm (1)

"~ 30,

where o, is the Von Mises stress and 74 is the hydrostatic stress. The plotted stress and plastic
strain values are actually averaged over all the strain-rates.
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Figure 8: a) Variation fot the effective failure stress as a function of stress triaxiality (tension = 1/3, torsion=0,
compression=-1/3), b) Variation of the effective plastic strain at failure as a function of stress triaxiality, ¢) zoom on
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4.2. Fractographic analysis

The tensile and notched tensile specimens failed in a brittle manner after limited plastic
deformation, with very similar fracture surfaces. Fig.9.a shows SEM micrographs and Fig.9.b
shows a schematic representation of the typical pattern observed on these surfaces. First, the
fracture process is triggered by the nucleation of a crack at a defect in the gauge section. The
crack initiation spot can usually be readily located on the surfaces (see micrograph A in Fig.9.a).
The evolution of the fracture surface pattern agrees with previous observations of the fracture
surfaces of epoxy resins [Fiedler et al., 2001; ?; ?; ?] or even of other glassy polymers such
as PMMA [??]. Indeed, as described in [?], the fracture of thermoset polymers follows several
distinct stages which are depicted in the central scheme of Fig.9.b. After the initiation of the
crack at a defect, a smooth and featureless region, often referred to as mirror-like, corresponds
to the slow propagation of the crack. A textured microflow, such as described by Greenhalgh
[?], is also often observed in this first region. Then, the acceleration of the crack leads to a
progressively rougher pattern. As the crack propagates, a population of secondary cracks is
generated as a result of the high local stress at the vicinity of the primary crack (either due to the
presence of secondary defects or to the important local triaxial state of stress near the main crack
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tip [?]. The subsequent propagation of these secondary cracks leads to the parabolas observed
on the micrographs B and mostly C of Fig.9.a, as also reported by Fiedler et al. [Fiedler et al.,
2001] for uniaxial tension. The final region corresponds to the abrupt fracture of the specimen
leading to a much rougher surface without any regular pattern.

Tension Torsion

Locii of the fracture
process initiation

Figure 9: Detailed fracture surface analysis for tension (a) and torsion (c) test specimens. The schematic (b) is taken
from [?] CHECK REF if not HULL.

The torsion specimens also failed in a brittle manner before any shear banding process, with
fracture surfaces oriented at 45° with respect to the specimen longitudinal axis (see Fig.10.a),
suggesting a failure mode dominated by the maximum principal stress value and orientation,
confirming previous observations made by Fiedler et al. [Fiedler et al., 2001]. The evolution of
the pattern observed on the fracture surfaces of the torsion specimens is illustrated in Fig.9.c. The
features of the fracture surface for torsion are similar to those observed for tension, supporting the
idea of a fracture scenario in torsion led by principal stresses. Note, however, that next to the brit-
tle failure associated to normal principal stresses at 45° orientation, Fig.10.b suggests a deflection
of the fracture path along maximum shear directions, after significant plastic deformation. The
simultaneous presence of zones with brittle fracture related patterns and zones involving impor-
tant plastic deformation in shear was also reported by Fiedler et al. [Fiedler et al., 2001]. Fig.11
shows two typical damage scenarios of a specimen loaded in uniaxial compression. The scenario
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a) b)

Figure 10: a) Hollow tubular specimens loaded in torsion mostly fail along helicodal surfaces perpendicular to the MPS
direction, i.e. oriented at +/-45° wrt to the specimen axis; b) crack deviation along maximum shear planes is also

e

a) b)

Figure 11: Two different failure scenarios in compression specimen coming from the same batch of bulk resin (same test-
ing temperature and constant strain rate): a) apparently dominated by maximum shear stress and b) apparently dominated
by the presence of positive MPS.

depicted in Fig.11.a shows only a limited accumulation of cracks at the contact zone between
the specimen and the platens until the very last instants of deformation. Failure mainly occurs
along planes oriented at 45° with respect to the loading direction, suggesting a shear dominated
failure mode, causing a sudden failure with a limited number of fragments. The scenario shown
in Fig.11.b is more frequent. At moderate plastic strains, several cracks initiate and propagate in
the contact zone, then coalesce with subsequent radial and hoop cracks leading to the formation
of a diabolo-shaped chunk, as observed for other brittle materials such as concrete. However,
these cracks do not directly lead to the final failure of the specimen. Hence the final failure of
the specimen seems to result from a combination of shear-localization and brittle fracture. The
specimen failure is, as in the case of tensile and torsion tests, very sudden with the production
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of a large number of small fragments. Fig.12 shows the two main types of fragments observed

AW

a) b)

Figure 12: Uniaxial compression: fragments after failure: a) typical conical fragment with rough fracture surface, b)
typical other fragment with essentially mirror-like fracture surfaces.

after failure of the specimen. Fig.12 shows the typical cones with rough fracture surfaces, which
suggest at least a fraction of shear dominated failure. Fig.12 shows an example of fragment
with mirror-like surfaces, which is the result of brittle failure perpendicular to a positive MPS.
It is not clear whether one mode is more dominant than the other, and which one starts first and
possibly triggers the other. Specimens with fewer cracks initiated during loading provide larger
but fewer cones, while specimens exhibiting a large number of hoop and radial cracks provide a
large number of smaller cones among the numerous fragments. The difference in roughness of

z = Jk Eel. ¥ L Ll J el (B !

10 pm EHT = 10.00 kV Signal A = SE2 16Ju2015 || 10 pm EHT = 10.00kV Signal A = SE2 16 Ju 2015

— Mag= 221KX WD=302MM s imeminim 12130 Mag= 152KX WD = 30.8 MM s cmvesmimen. 12:25:04
a) b)

Figure 13: Fracture surfaces after failure compression specimen examined by scanning electron microscopy: a) mirror-
like fracture surface due to brittle failure, b) morphology observed on the fracture surface of the conical fragments, in
line with the observations by Hobbiebruken et al. [ref].

the fracture surfaces already visible in Fig.12 is confirmed by SEM observation in Fig.13. Again,
as illustrated on Fig.13.a, the truly mirror-like surfaces, showing the absence of any topological
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feature, clearly results from positive maximum principal stress dominated brittle failure. Char-
acteristic features of a brittle fracture process such as parabolas, textured microflow and river
lines are also occasionally encountered on these surfaces. Conversely, the rough fracture surface
observed on the cones along maximum shear direction (see Fig.13.b) exhibits a triangular and
rhombic morphology. While Fiedler et al. [Fiedler et al., 2001] explained the appearance of this
typical morphology by the same mechanism as the one forming the parabolas in tension (nucle-
ation of secondary cracks at defect sites), the 45° orientation of the fracture surface suggests that
these rougher surfaces are instead the result of a shear-dominated failure. SEM micrographs of
the fracture surfaces of a complete cone fragment provide additional hints on the evolution of
the actual fracture process. The evolution of the fracture surface pattern along a single cone is
represented in Fig.14. A closer look at the tips of the cones shows that most of the time there are
several small cones initiated in a very confined area, see micrograph A of Fig.14. Smaller cones
seem to merge into larger ones across the transition to a rougher fracture surface. The fracture
pattern at the tip of the cones suggests that the cones may be initiated because of local high values
of MPS. Indeed, the fracture surfaces right after the tips of the cones show a very smooth pattern
(micrograph A of Fig.14), followed by river lines (see micrograph A and B of Fig.14), which is
typical of a Mode I brittle fracture initiation followed by a mixed mode I/III propagation [??].
The subsequent development of the cones gives rise to rougher surfaces, as observed on the SEM
micrographs C and D of Fig.14, eventually leading to the triangular and rhombic pattern already
shown on Fig.13.

As a conclusion, the initiation of the final failure of the RTM®6 is most probably due to positive
MPS, as in the case of tension and torsion. The propagation of these initiated cracks can be
controlled by the local MPS (longitudinal failure) or by shear stresses when meeting the zones
of maximum shear stress (plane at 45° with respect to the loading direction).

4.3. Note on the sensitivity of uniaxial compression results to friction

Uniaxial compression tests are known to be sensitive to friction [Fiedler et al., 2001; Gearing
and Anand, 2004; Gerlach et al., 2008; Liang and Liechti, 1996]. Friction between the specimen
and the platens constraints the lateral movement of the sample, creates a heterogeneous state of
stress, which departs from the uniform uniaxial target and can promote or delay the deformation
and failure mechanisms. The most visible result of excessive friction between the specimen and
the platens is the so-called barreling effect, illustrated in Fig.15. Fig.15.a shows a cylindrical
sample tested in compression with a PTFE film used as solid lubricant: the specimen lateral
edges are almost perfectly straight, proving that friction could be minimized; on the contrary, the
specimen in Fig.15.b was loaded without any lubricant, and exhibits rounded edges. A map of
hydrostatic stress computed using the finite element method and the constitutive model developed
in the next sections is superimposed on Fig.15.b, it reveals large gradients and proves that uniaxial
compression tests with significant friction cannot be considered as appropriate to identify the
constitutive properties of polymers without the help of complex inverse analysis procedures.
Similar detailed stress analyses of the barreling effect are reported in [Gearing and Anand, 2004].
Hence, when post-processed with the assumptions of plastic incompressibility and pure uniaxial
stress, the constraining effect of friction provides stress-strain curves which actually erroneously
suggest a material that exhibits a stronger apparent behavior than it really is, possibly missing the
softening response. Fig.15.c shows the effect of friction on the apparent compressive behavior of
the resin: for similar specimen dimensions, friction provides higher estimates of the peak yield
and lower yield stresses. Moreover, theoretically, in the absence of friction, the aspect ratio of
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Compression

River lines

Figure 14: Detailed fracture surface analysis along a conical fragment in a failed compression specimen, from the tip (A)
to the basis (D).

the specimen should have no effect on the measured stress-strain curve; on the contrary, with
friction, increasing the diameter to height ratio leads to an apparently even stronger material.
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Figure 15: Sensitivity of the compression test to friction between the sample and the platens: a) profile of the specimen
at large deformation with solid lubricant (PTFE film), b) typical barrel-like profile of the specimen at large deformation
without lubricant, the color map shows a distribution of hydrostatic pressure computed using the finite element method,
¢) apparent true stress-strain curves computed from the measured load displacement data with and without solid lubricant
for a shape ratio of 12/12, and without lubricant for a 12/6 shape ratio.

5. Constitutive modeling

5.1. Selection of the constitutive model

The constitutive model was selected in order to be directly applicable with the standard dis-
tribution of the general purpose finite element software Abaqus [V6.12], without the need for
coding a user defined material subroutine, favouring the application of the identified model in
current engineering practice. Nevertheless, the ingredients of the model are chosen so that they
can be directly compared or assessed towards more advanced finite strain elastic-viscoplastic
models of the literature [Boyce et al., 1988; Poulain et al., 2014; Tervoort et al., 1996]. The
behavior of the material is assumed to be elastic-plastic with rate and temperature dependences
taken into account through the hardening law. The dependence of the hardening behavior on
the strain rate and temperature is given explicitely to Abaqus, which makes the model useful for
simulating loading rate and temperature effects in the frame of quasi-static simulations (strain-
rate sensitivity comes the sepcification of a characteristic simulation time or loading history).
In its present formulation, the model is thus not intended for use in the simulation of creep or
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relaxation. The selected yield criterion follows a linear Drucker-Prager [??] model, which is a
pressure-modifed Von Mises yield surface. Isotropic hardening is assumed. An original harden-
ing function incorporating pre-peak yield non-linearity, softening and re-hardening is developed.
Strain-rate and temperature dependences of the true stress-strain curve are introduced via the
coefficients of the hardening function.

5.2. Yield Criterion
The seminal linear Drucker-Prager yield criterion writes:

tan (B) a
3 )O‘C =0

F=0'g+0-;1mtan(ﬁ)—(1— )

where o, is the Von Mises effective stress, o, is the trace of the stress tensor, o is the yield
stress in compression. The term S is the friction angle, defined as

3-3r
tan = 3
B =T 3
with the so-called instantaneous uniaxial stress ratio’
o
r=|== 4)
Op

where o, and o are the true stress in uniaxial tension and uniaxial compression, respectively,
at an arbitrary uniaxial plastic deformation p. In the linear Drucker-Prager model implemented
in Abaqus, no dependence of the hardening behavior on the stress-state is allowed. Hence the
hardening behavior is taken from uniaxial compression tests. Although some strain rate and/or
temperature dependence of the friction angle cannot be excluded, they are not taken into account
in the model.

5.3. Flow Rule
Beside the yield surface, a flow rule is selected based on the flow potential G defined as

G=0,+ %mn ) (5)

where ¢ is the so-called’ dilation angle in the (o,— ‘T’”'”) plane. When , the incremental plastic
strain vector is normal to the yield surface in the (o,,— (’”’”’ ) plane and the plastic flow is associated
with and derives from the yield criterion. When ¢ is dlfferent from S the flow is non-associated.
When ¢ = 0, then plastic incompressibility is assumed. The non-associated flow rule can cause
some convergence issues of the host finite element software when dealing with heterogeneous
stress states. The dilation angle at a given plastic strain p is computed as

3(1-2v¢
tan (p) = —u (6)
2(1+v5)
where v}, is the plastic Poisson’ coefficient measured in compression given by v;, = z : with ps

and p{ the radial and axial plastic strains under uniaxial compression. The plastlc strain tensor is
given by

Pij = &ij — Sijuou @)
where ¢&;; is the strain tensor, oy, is the Cauchy stress tensor, S;j; is the elastic compliance
tensor. Although some strain rate and/or temperature dependence of the dilation angle cannot be

excluded, they are not taken into account in the model.
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5.4. Elastic behaviour

The resin is isotropic with Young’s modulus E and Poisson ratio v. For the sake of simplicity,
the Poisson ratio is taken as rate and temperature insensitive. The asymmetry of Young’s modulus
between tension and compression is neglected and, as a first approximation, the experimental
compression modulus is used. The compression modulus is assumed to take the following form:

E (T, In(¢) = E293)é’" 729 4 k. (In(&) - ¢.) (8)

where E£(293) is the compression modulus averaged over all strain rates at room temperature, ¢,
is the average of the logarithms of all the tested true strain rates, Sy and k. are fitting param-
eters. The identified strain-rate dependence of the Young’s modulus should hold up to strain
rates of 100s~!, according to [Gerlach et al., 2008]. In most quasi-static loading situations, the
dependence on strain-rate could even be neglected, taking k. = 0.

5.5. Hardening behaviour

The strain hardening is assumed not to depend on the stress triaxiality, which can be admitted
for small to moderate strains; however, in general, the re-hardening part (stage IV in Fig.1) can
be highly sensitive to the hydrostatic stress. Poulain et al. [Poulain et al., 2014] show that the
hardening behaviour of a moderately crosslinked epoxy is different in tension and compression
on the whole range of strain. The dependence on pressure of the element analogous to entropic
resistance is thus not accounted for in the model. The hardening lwas is described by a sum
of three main contributions: the pre-peak hardening behaviour (oyn9 + 04) related with main
chain segmental motion activation, the softening part o coming from shear-transformation, lo-
calization combined with free volume rearrangement and then the re-hardening o¢ often referred
to as the ’entropic spring’ contribution. This approach, illustrated in Fig.16, is inspired by the
work of Haward and Tackray [Haward and Thackray, 1968]. The present formulation relies
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Figure 16: Decomposition of the hardening curve into three main contributions: (oyo2% + 04), o and oc.

on the commonly accepted understanding of the molecular motion of entangled or cross-linked
glassy polymers during straining. Below the glass transition temperature, in order to achieve
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large inelastic strain, the polymer has to overcome two main types of physical-mechanical re-
sistance: the intermolecular resistance (o ygx% + 04 + o) and the term analogous to entropic
resistance o¢,,. At low strains, the polymer has to be loaded above the yield stress oypg (and
with an appropriate stress triaxiality) in order to exceed the activation energy for segmental rota-
tion. The contribution of this mechanism to the hardening of the polymer is denoted o4 and has
the following expression:

o4 =00 (1—e"7) ©))

where 049 is the targeted plateau overstress and 7,4 is a fitting parameter driving the hardening
rate. The contribution of softening to the hardening of the polymer is denoted o5 and writes:

o =0p (1l —e'?P) (10)

where o p is the targeted plateau yield drop and rp is a fitting parameter driving the softening
rate. At larger strains, the latest contribution is analogous to the entropic resistance due to the
alignment of the molecular network. This contribution is borrowed from the Arruda & Boyce
8-chain model of rubber elasticity [?]:

Ce VN . (i
VN
where Cy, is the hardening modulus (Cy, is the rubbery modulus for material in the rubbery state),

VN the limiting chain extensibility, B = FFT is the left Cauchy-Green tensor and dev(B) its
deviator, with F the plastic deformation gradient (assuming plastic incompressibility)

)dev(B) (11)

ePn 0 0 e’ 0 0
F= 0 e 0 = 0 ¢%r 0 (12)
0 0 ePs 0 0 e 0P

The term A, is the stretch on a chain of the 8-chain network defined as

Ay = 4], (13)

The symbol £~! represents the inverse Langevin function, which is here approximated by the
explicit function
9 -3x?
1—x2
Other expressions for the re-hardening could be assumed, considering for instance a Neo-Hookean
behaviour, a 3-chain or 8-chain model or the approximated full-chain model by Wu and Van der
Giessen [?]. Note that entropic springs such as the 8-chain model detailed in the expression
of o¢ imply the existence of transverse stresses that should be iteratively removed by applying
an appropriate transverse strain in order to recover pure uniaxial conditions; the present model
overlooks this effect by taking into account the axial component of ¢ only. First, the impact of
neglecting the transverse stresses brought by the entropic spring is that the identified parameters
will be slightly different. Second, considering the spring as a simple hardening function relat-
ing the effective stress and the equivalent plastic strain cancels the multi-axial contribution and
inherent pressure-sensitivity. The yield stress of the resin can then be expressed as

L) = (14)

o =0yne +0a (1 —eP)+op (1 —e )+ 0, (15)
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Variable Parameters
Modulus Br, ke, E(293), ¢,
Poisson ratio v
Stress ratio r
Plastic Poisson ratio v;

Activation volumes
Activation enthalpies
Reference transformation rates
Yield drop coefficient
Hardening kinetics coefficients
Softening kinetics coefficients

QAU’ QAY(J2%’ QAAO
AGy, AGyopa, AGao
Doy POyess> Poso
k
TAa> TAb> NA
I'Ba> 'Bb> 'B

Rubbery modulus Cr
Efficient chain segments Ay, By, Ep, N(293)

Table 2: List of the parameters of the constitutive model

where o¢,, is the axial component of the re-hardening stress. Because of the underlying ther-
mally and stress activated deformation mechanisms, the strain-rate and temperature dependence
of the stress parameters oypyg and 049 is assumed to follow the Eyrings equation, i.e.

ks
O

o= (16)

AG
(In(p) — In(po)) + NaOx
with i = Y02% or i = AO; Ny is the Avogadro number. Inspired by the work of [Boyce et al.,
1988] where the saturation stress is taken as a constant fraction of the so-called athermal shear
strength, the strain rate and temperature dependence of o gy is introduced through oy = —koy
where k is a strain-rate and temperature insensitive fitting parameter named yield drop coefficient
while oy is the strain-rate and temperature dependent peak yield stress, which also obeys Eyrings
equation. The parameters r4 and rp governing the pre-peak hardening rate and the softening rate
are taken as
a7

rpa = FA’aTnA + TAb

and

rg = rB’aT”B + I'Bp. (18)

In line with the approach of [?], Cg appearing in equation 14 is assumed independent of strain rate
and temperature. Then VN is taken independent of strain-rate while its sensitivity to temperature

is expressed as
n(293)N(293)

E,
&+m@—éﬁ)

N(T) = 19)

where n(T) is the chain density at temperature 7', E}, is the thermal dissociation energy and A
and By, are fitting parameters. This last expression expresses the fact that the number of efficient
rigid links per chain n(T)N(T) remains constant whatever the temperature. Alternatively, for
materials below the glass transition temperature, Rottler [?] indicates that the hardening modulus
Cr should depend linearly on the lower yield stress (having by consequence the same strain-rate
and temperature sensitivities) and on the hydrostatic pressure.
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Br ke E(293) Ce v r vo(p = 0.03)
(K] [MPa - s] [MPa) [s'] [-] [-] (-]
-0.00261 30.64 2587 -5.86 0.34 0.855 0.5
Qu, Qv Qao AGy AGyor9 AGyp Doy
[J/mol] [J/mol] [J/mol] [s'] [s'] [s'] [mm?]
2.86-10° 2.06-10° 476-10° | 2.83-10% | 3.04-107 | 8.79-10% 1.09-10°18
Doyors, Doy k TAa TAb np Ba
[mm?] [mm?] [MPal] [-] [-] [J/mol] [-]
231-10°1 2.43.10°18 26.6 9.52-10% 11-107T 8 1.87
rB,b np CR Ah Bh Eh N(293)
(-] [K~'] (-] (-] [K~'] [-] (-]
0.954 1.023-10°10 35.88 4.63 34-107% 2.15 7.54

Table 3: List of the parameters of the constitutive model

5.6. Parameters identification

Table 5.5 summarizes the parameters that must be identified. Some parameters can be directly
identified from the experimental results, while others are identified through an inverse procedure
of global fitting of the stress strain curves. The minimum set of experiments must involve four
compression tests, e.g. two tests at different constant true strain rates and room temperature, and
two tests at different temperatures, whatever the selected strain rate and one tensile test at room
temperature and at a constant true strain rate (for which a RT compression test is also available).
The identification of the model parameters is made through a two-step procedure:

e Several model parameters (13) can be identified directly against the experimental results:
the modulus parameters Br, k., £(293), ., the Poisson ratio v, the stress ratio r, the plastic
Poisson ratio v}, (at room temperature, at a true plastic strain of 3%), the stress parame-
ters oyme and oy (activation volumes, enthalpies and reference transformation rates that
appear in Eyrings equation 16).

e The remaining model parameters (15) are identified by minimizing the distance between
the predicted compression true stress-true plastic strain curves and the remarkable exper-
imental couples shown in Fig. 1. Additionally the slope of the stress strain curve should
be zero at the peak yield and lower yield. A gradient based optimizer provided in Matlab
[16] is used for that purpose.

Table 3 shows the values identified for the parameters of the constitutive model. The identified
activation volumes are in the same range as those reported in [Gomez-del Rio and Rodriguez,
2012] for a DGEBA epoxy resin. The main parameters of the re-hardening part (Cg, N) are also
comparable with values reported in the literature for other glassy polymers ([Poulain et al., 2014;
?]). The true compression stress - true plastic strain curves resulting from the identification pro-
cedure are shown in Fig.17.b, with representative experimental results reproduced in Fig.17.a for
the sake of comparison. A good agreement is found in terms of capability to reproduce the hard-
ening behavior in the studied range of strain rates and temperature. Fig.17.c shows the behavior
predicted in tension, obtained by multiplying the hardening curve identified in compression (for
the same temperature and strain rate conditions) by the stress ratio identified at a 3% plastic
strain.
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Figure 17: a) Experimental uniaxial compression curves obtained with constant strain rate tests, b) predicted uniaxial
compression curves using the hardening law identification procedure, c) behavior predicted in tension, obtained by
multiplying the hardening curve identified in compression (for the same temperature and strain rate conditions) by the
stress ratio identified at a 3% true plastic strain.

5.7. Constitutive model as implemented in Abaqus

First, for what concerns the linear elastic behavior, the asymmetry of elastic modulus is
neglected, the dependence of the modulus on the strain-rate is not taken into account and the
Poisson ratio is assumed constant. Therefore, tabulated pairs of elastic modulus and temperature
are provided to Abaqus. Second, the linear Drucker-Prager model is selected, and the friction
and dilation angles identified in the previous section are specified. The hardening behavior is
introduced in Abaqus by providing tables of pairs of Von Mises stress and equivalent plastic
strains (i.e. the hardening curves in compression) at different strain-rates and temperatures. In
this context, Abaqus requires a virtual zero strain rate hardening response, which can for instance
be arbitrarily taken as the curve predicted by the constitutive model at a plastic strain rate of
107"257!.  Abaqus interpolates between the curves provided by the user, and extrapolates at
higher strain rates, CHECK CHECK CHECK by using to a simple power-law dependence of the
stress on the strain-rate. Other parameters are left to the default value. The model is thus readily
available in Abaqus. Due to the softening of the resin, in certain circumstances (e.g. large
gradients, or very local stress concentration), the standard quasi-static non-linear finite element
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solver could encounter major convergence issues. In this case, switching to arc length methods
helps. However in several occasions, the user will have to change to fully explicit simulations,
with appropriate mass scaling and viscosity, to reach a consistent, converged solution.

5.8. Validation of the constitutive model

The predictive capability of the identified model is assessed against experimental results
which were not used for parameters identification:

e the hardening behavior in shear at room temperature i.e. 293K, obtained by torsion test-
ing of hollow cylindrical specimen at a rotation rate of 7°/min. Fig.18.a shows the curves
identified in compression and tension, and the prediction of the model for the case of tor-
sion. Despite minor differences of experimental plastic strain rates, the response predicted
in shear (black curve) is equidistant from the compression and tension curves due to the
hypothesis of linear dependence of yielding on the hydrostatic pressure, and falls close to
the curve representative of shear loading.

e The hardening behavior in tension at temperatures of 373K and 423K and a constant
crosshead displacement rate of 1mm/min; Fig.18.b shows the predictions of the model
in terms of the tensile behavior at higher temperatures. The agreement is here not very
good, as the stress ratio identified at room temperature seems to be temperature depen-
dent. Hence, the tension-compression asymmetry is underestimated at 373K and 423K.
The tension-compression asymmetry being attributed to the different behavior of free vol-
ume under tensile and compressive stresses and the evolution of this free volume (move-
ment, creation and annihilation) being thermally activated, it is reasonable to think that an
additional temperature dependence of the stress ratio should be incorporated.

e The non-linear relationship between notch diameter reduction (striction) and the tensile
load on the notch tensile tests conducted at a constant crosshead displacement rate of
Lmm/min, at room temperature, for three different notch radii. In this case, explicit simu-
lations were performed using Abaqus v6.12 in order to properly account for the important
heterogeneity of hydrostatic stress and strain-rate in the gauge length. Fig.18.c reveals a
very good agreement between the FE results and the experimental data for the three notch
radii.

o the compression true stress- true strain curves obtained at room temperature and a 1mm/min
constant crosshead displacement rate with different conditions of friction with the platens.
Chevalier et al. [?] have shown that a friction coefficient of 0.07 is necessary in order to
perfectly reproduce the barreling profile using FE simulation with the model presented in
this section. Fig.18.d shows that the FE simulation of the compression test without lubri-
cant, for a similar diameter to height ratio (12/12), is remarkably close to the corresponding
apparent experimental uniaxial true stress-true strain curve. Note that the discrepancies in
the non-linear behavior could partly be attributed to batch to batch variability as the model
was identified on another batch. Increasing the diameter to height ratio (e.g. here 12/6)
makes the constraining effect of friction more prominent. Hence the friction coefficient
must be increased to 0.2 in order to capture the experimental behavior. In this case, part of
the error lies in the inability of the model to deal with larger stress gradients and another
part in the too simplistic modeling of friction.
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Figure 18: Constitutive model assessment: a) Von Mises stress versus Equivalent plastic strain curves for uniaxial
compression, tension and for torsion, predicted using the identified hardening law and the identified pressure dependence
of yielding (linear Drucker-Prager); b) predicted temperature dependence of yielding under tensile loading, note the
apparent dependence of pressure sensitivity on temperature; c) predicted load - notch striction curve for three different
notch radii and a constant crosshead displacement rate of 1mm/min; d) prediction of the apparent compression true stress
true strain curves with and without solid lubricant, and for different cylinder diameter/height ratios.

6. Failure Criterion

6.1. Preamble
No detectable damage evolution is observed in RTM6. Despite significant non-linear defor-
mation, there is no evidence of intrinsic progrggsive damage mechanisms such as void growth



and coalescence observed for instance in ductile metals or blended polymer, or crazing which
is commonly observed in thermoplastics. Hence, in section 4.2, no microstructural features or
morphologies on the fracture surfaces could be associated with an intrinsic progressive damage
mechanism or extensive plasticity. No progressive drop of the Youngs modulus is observed ei-
ther, which could have been considered as an indirect proof of damage incurred in the specimen.
Furthermore, Morelle [?] observed on the same resin a rapid saturation of the backstress upon
unloading, which is another argument in favor of the idea of the absence of progressive dam-
age. Hence, failure appears to be brittle in all circumstances (tension, notched-tension, torsion,
compression) whatever the amount of plastic deformation. This is in-line with the researches
reported in [Asp et al., 1996; Fiedler et al., 2001, 2005; Hobbiebrunken and Fiedler, 2007] which
converge to the idea of a competition between shear-dominated yielding and brittle failure driven
by a positive hydrostatic and/or MPS related with micro-cavitation and chain scission.
Therefore, failure has been addressed based on an un-coupled approach as a post-processing
task, considering that fracture occurs when some combination of stress or strain reaches a critical
value, and that cracking is catastrophic, with almost no post-failure (visco-) plastic dissipation.

6.2. Failure criteria
Four different criteria have been selected and assessed:

e FC . In-line with the common understanding of brittle failure in highly-crosslinked epox-
ies, the first criterion considers that failure occurs when a pressure-modified maximum
principal stress is reached (Eq. 20):

O'MAx—aO'H—bZO (20)

This criterion can be easily identified using the failure stress data in tension and compres-
sion.

e FC II. The second criterion is an hyperbolic criterion, similar in form to some crazing
initiation criteria as reviewed in [Gearing and Anand, 2004]:
a

e = +c 21
o oy+b ¢ D

This criterion is actually a pressure-modified critical distortional strain energy criterion.
The three parameters must be identified using the failure stress data in tension, compres-
sion and torsion.

o FCIIIL. The third criterion is a pressure-modified maximum shear criterion, similar to a
pressure-modified Tresca criterion, motivated by the occasional observation of a shear-
dominated failure mode as observed in Fig.11.a:

lomax —omivl —aocy —b =0 (22)

This criterion can be easily identified using the failure stress data in tension and compres-
sion

e FCIV. The fourth criterion is a triaxiality-dependent critical equivalent plastic strain at
failure criterion, often used in the modeling of the ductile failure of metals:

oe

pe—ae 1 —c=0 23)

The three parameters must be identified using the failure stress data in tension, compres-
sion and torsion.
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Criterion a b C
FCI 1064[-] 66[MPa) -
FCII 5352[MPa] | 105.7[MPa] | 63[MPa?]

FCIII —0.8824[—] 132[M Pa] -
FCIV 0.04042[-] 7.815[-] 0.02558[—]

Table 4: Value of the parameters identified for the four failure criteria.

6.3. Parameters identification and validation

The parameters of the four failure criteria have been identified directly using the experimental
failure stress data, see Table 6.3. Fig.19.a shows the variation of the fracture stress as a function
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Figure 19: a) Stress based failure criteria: pressure-dependent critical maximum principal stress (red) identified with
the compression and tension data, pressure-dependent critical Von Mises stress (black) identified with the compression,
tension and torsion data, pressure-dependent critical maximum shear stress (blue) identified with the compression and
tension data; b) critical equivalent plastic strain at failure criteria (negative exponential) identified with the compression,
tension and torsion data.

of the hydrostatic stress for the criteria FCI, FCII, and FCIII. FCI and FCIII can be assessed by
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comparison of the prediction of the failure stress in torsion with the experimental value, as the
latter was not used for identification, showing excellent agreement. Fig.19.b shows the variation
of criterion FCIV as a function of the stress triaxiality. The four failure criteria were used in
combination with the constitutive model in FE simulations of the notched tensile tests in order
to predict the maximum load and notch diameter reduction at failure. Fig.20.a shows that all but
the pressure-modified MPS criterion (FCI) predict an increase of the maximum load at failure
with an increasing notch radius. The pressure-modified maximum shear stress criterion (FCIII)
significantly underestimates the various loads. Despite the fact that it does not reproduce the
correct load evolution with notch radius, criterion FCI falls within the experimental variability for
the 1 and 3mm notch radii. Besides, the triaxiality-dependent equivalent plastic strain at failure
(FCIV) performs very well. All the models correctly predict the increase of notch diameter
reduction with increasing notch radius, and it is again the triaxiality-dependent plastic strain
at failure criterion FCIV which performs best. The pressure-modified MPS criterion performs
also quite well. Criterion FCIV is readily introduced in Abaqus as Ductile fracture criterion.
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Figure 20: Model assessment (non-linear behavior and failure) against experimental results on notched tensile tests:
a) experimental versus predicted failure load, b) experimental versus predicted radial displacement in the notch (local
striction).

Pairs of equivalent plastic strain at failure and stress triaxiality must be provided, for different
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temperatures and strain-rates. In this case, the failure criterion was provided at a reference strain-
rate of 1073s~! and a temperature of 293K, assuming first that failure is independent of strain-
rate. This allows simulating crack initiation in deformed components.

7. Full model assessment - Iosipescu case study

The original intent of this paper is to build, identify, and assess a model that can be used
in the framework of the multi-scale modeling of the deformation and failure of carbon-epoxy
composites where highly heterogeneous stress and strain fields are encountered. However, be-
fore addressing this level of complexity, it is important, in terms of methodology, to first assess
the model against a simpler configuration where field heterogeneity is moderate but with a clear
contrast between zones with distinct shear-dominated and hydrostatic stress / maximum principal
stress dominated conditions.

The test selected for validation comes from the ASTM5379 V-notched beam method standard,
with set-up and sample illustrated in Fig.21.a. The V-notched beam method is in principle dedi-
cated to the measurement of the shear properties of composite materials with continuous or short
fibres. Hence, a good portion of the ligament between the V notches undergoes uniform shear
stresses. However, as depicted in the stress triaxiality map right before failure in Fig.21.b (see
description of the FE model below), although most of the deformed zone is shear-dominated
(zone A), high tensile stresses are generated on the surface close to the notch roots (zone B),
while compressive stresses are induced at the end of the contact zone with the load fixture (zone
C). With an unreinforced isotropic material, this test is somehow critical as the non-linear behav-
ior should be mostly determined by the response in shear between the notch roots, while failure
should be triggered elsewhere. The V-notched beam specimens were produced with the process-
ing and machining conditions described in section 2. A series of five tests were performed on
a screw-driven universal Zwick-Roell testing machine with an external load cell of 250 [kN],
at 293K and a crosshead displacement rate of 1mm/min. The maximum and minimum princi-
pal strain were measured using back-to-back bi-directional strain gauges positioned between the
notch roots at 45 with reference to the horizontal axis.

A two-dimensional explicit finite element model was set-up in Abaqus 6.12 to simulate the test,
with a global mesh size of 0.5mm, using linear triangular plane stress elements. A local size
of 0.1mm was imposed at the notch roots. Frictionless contact was assumed. The constitutive
model was introduced as explained in section 5.7. The failure criterion FCIV identified at RT
and a strain rate of 1073s~! in section 6.2 was introduced in Abaqus as explained in section 6.3.
In addition to that, progressive failure analysis, using a smeared crack approach, was enabled by
using the Damage Evolution feature of the Ductile failure criterion with an exponential softening
law, given an arbitrary post-failure energy of 1mJ, which leads to rapid failure when the crite-
rion is met. Appropriate mass scaling was used in order to accelerate the simulations while not
perturbing the solution. The model is assessed against experimental results as follows:

e The predicted and experimental load-displacement curves, maximum load and displace-
ment at failure are compared (see Fig.22.a). Good agreement is found although the pre-
dicted load at failure falls below the error box.

e The predicted and experimental shear strain at the locus of the strain-gauge between the
notch roots are compared (see Fig.22.b). Good agreement is found for what concerns the
linear part of the measured shear strain, however, after the onset of plasticity, the prediction
overestimates the experimental value by up to 20%.
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b)

Figure 21: a) The V-notch beam test sample instrumented with back-to-back bidirectional strain gauges, and load intro-
duction fixture; b) Map of stress triaxiality on the V-notch specimen just before failure: zone A is the shear-dominated
zone (triaxiality close to zero), zone B is dominated by tensile stresses and exhibits the maximum triaxiality (above 1.2),
zone C is essentially compressive.

o The predicted and observed failure hierarchy and final crack path are compared (Fig.22.c).
Excellent agreement is found, in-line with the failure mode observed by Hodgkinson in [?]
for unreinforced brittle thermoset materials.

The explanation for the underestimation of the load at yielding and for the overestimation of the
non-linearity is four-fold:

e Early plasticity is predicted in the simulation in the stress concentration areas located at
the end of the contact zone between the load introduction rig and the sample (zone C in
Fig.21.b). This stress concentration favours a root rotation of the shear dominated zone
and lead to an overestimation of the specimen tangent compliance.

e The absence of friction in the simulations accelerates the onset of yielding and leads to
a more compliant overall response. Hence adding friction between the load introduction
rig and the sample in the simulation helps delaying the onset of yielding, but not suffi-
ciently. Note that the experimental maximum and minimum principal strains measured
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by the strain gauge are slightly asymmetric (up to 10% of difference); according to the
simulations, this asymmetry increases with increasing friction.

o Part of the discrepancy might be attributed to batch-to-batch variability which is known to
be of up to 10% for what concerns the peak yield in compression.

o The constitutive model overestimates (either or both) the strain-rate sensitivity (note: the
equivalent plastic strain rate in the simulation amounts from 0.0002 to 0.0008s~") and the
pressure sensitivity of yielding of the material.

Finally, it is worth mentioning that fracture being driven by a positive MPS, a fracture surface
similar to what was obtained in tensile and torsion specimen was expected. The detailed fracture
surface analysis shown in Fig.23 confirms the different steps in terms of successive crack surface
patterns, and shows again that the crack initiates in the zone where the maximum principal stress
is critical.

8. Conclusion and future work

The elastic, viscoplastic and fracture of the RTM6 resin was characterized as a function of
strain rate and temperature under various loading conditions involving uniaxial tension, notched
tension, uniaxial compression, torsion and shear. When loaded in compression, the RTM6 was
shown to behave like amorphous thermoplastics in the glassy state, with four expected distinct
deformation stages up to large strains, and exhibiting e.g. similar dependences of the peak yield
on temperature and strain-rates. Limited ductility was observed however for any other loading
condition. Unlike thermoplastics though, brittle failure was always observed, and no progressive
damage mechanism could be identified. Detailed fractography analysis provided insight into
the competition between shear yielding and maximum principal stress driven brittle failure. A
Drucker-Prager pressure-dependent constitutive model was built. A specific hardening law was
developed with strain-rate and temperature dependent parameters, owing e.g. to Eyring’s theory
of transition of state or to the theory of rubber elasticity. The pressure-dependence and hardening
law, as well as four different failure criteria were identified against the experimental results us-
ing a two-step procedure involving direct identification and reverse analysis. This identification
procedure requires at most four uniaxial compression tests and one uniaxial tensile test. After
thorough verification, the constitutive model and a plastic strain at failure criterion were readily
introduced in the standard version of Abaqus. The model was successfully assessed against re-
sults of progressive failure in V-notched beam shear test in terms of overall load-displacement
curve, local shear-strain / shear-stress and predicted failure path. Short-term perspectives involve

e The modeling of the deformation and failure of RTM-processed uni-directional composites
loaded in transverse compression.

o The adaptation of finite strain elastic-viscoplastic constitutive models to capture unloading,
fully reverse loading, creep, relaxation and recovery behaviour of the RTM6.
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Figure 22: a) Experimental representative load-displacement curve between the notch roots and predicted counterpart.
The grey rectangle is the error box for the pair experimental load at failure - displacement at failure; b) Comparison of
the shear strain measured experimentally between the notch roots (representative curve) and the computed shear strain
averaged over the strain gauge area in the FE model; ¢) Comparison of the experimental (TOP) and predicted crack paths
(BOTTOM). The bottom image shows a map of the value of the failure criterion, the elements which have failed have
been deactivated and eventually constitute the crack path.
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Figure 23: Detailed fracture surface analysis after failure of the V-notch beam specimen.

37



